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Abstract
Active flow control applied to high-lift systems is a promising solution to improve low-
speed flight capabilities and reduce noise emissions of commercial aircraft. However, too
high power requirements in relation to the achieved lift gains have prevented active high-lift
systems from being largely employed in the aeronautical industry. In this context, this work
develops technologies to enhance the aerodynamic efficiency of an active high-lift system
by means of RANS numerical simulations. The transonic airfoil DLR-F15 is equipped with
an active internally-blown flap, which consists of a thin air jet tangentially blown over the
shoulder of a simple-hinged flap deflected by 65◦. To improve the lift generated by the
airfoil, the effects of a flexible droop-nose device, wall suction and unsteady blowing are
investigated. The fundamentals of gap-less droop-nose design are presented, describing the
aerodynamic sensitivities of the main geometrical parameters and the physical phenomena
that determine the lift performance. The efficiency of the resulting droop-nose configuration
is also tested on a wing-body aircraft model. The analysis reveals three-dimensional flow
mechanisms that limit the lift performance in operative conditions. The airfoil efficiency
is then further improved by adding a boundary-layer suction device. The effects of shape
and location of the suction slot are studied to maximize the lift coefficient and pressure
recovery. Finally, the effectiveness of unsteady excitation of the mixing layer by means of
dynamic blowing is investigated. As a final result, a target maximum lift coefficient of 5.0
can be achieved with a 43% lower jet-momentum coefficient with respect to the baseline
airfoil configuration.
U¨bersicht
Die Anwendung von aktiver Stro¨mungskontrolle bei Hochauftriebssystemen ist eine vielver-
sprechende Lo¨sung, um die Langsamflugeigenschaften eines Verkehrsflugzeugs zu verbessern
und die La¨rmemissionen zu verringern. Bislang verhindert jedoch das zu geringe Verha¨ltnis
aus erzielbarem Auftriebsgewinn und eingesetztem Impuls des Ausblasens eine breite An-
wendung von aktiven Hochauftriebssystemen in der Luftfahrtindustrie. Vor diesem Hinter-
grund werden in der vorliegenden Arbeit mit Hilfe von numerischen Stro¨mungssimulationen
neue Technologien entwickelt, um die Effizienz eines aktiven Hochauftriebssystems zu verbes-
sern. Hierzu wird das transsonische Profil DLR-F15 mit einer angeblasenen Coanda Klappe
ausgestattet, die aus einem du¨nnen, tangential ausgeblasenen Strahl auf der Oberseite der
um 65◦ ausgeschlagenen Klappe besteht. Um den resultierenden Auftrieb zu erho¨hen,
werden die Effekte einer formadaptiven Senknase, von Wandabsaugung und einer dynamis-
chen Ausblasung quantifiziert. Durch eine aerodynamische Sensitivita¨tsanalyse bezu¨glich
der wesentlichen geometrischen Parameter sowie durch eine Beschreibung der physikalis-
chen Pha¨nomene, die fu¨r die Auftriebserzeugung verantwortlich sind, werden die Entwurf-
sgrundlagen fu¨r spaltlose Senknasen herausgearbeitet. Die Leistungsfa¨higkeit der resul-
tierenden Senknase wird zudem an einer vollsta¨ndigen Flu¨gel-Rumpf-Konfiguration erprobt.
Die Untersuchung ihres U¨berziehverhaltens zeigt zusa¨tzliche drei-dimensionale Stro¨mungs-
mechanismen, welche den Auftrieb unter Betriebsbedingungen beschra¨nken. Mit Hilfe von
Grenzschichtabsaugung kann der Profilwirkungsgrad weiter erho¨ht werden. Die Einflu¨sse
der Absaugeposition und der Absaugegeometrie werden analysiert, um den Auftriebsbeiw-
ert und den Druckru¨ckgewinn am Ende des Einlasskanals zu maximieren. Schließlich wird
die Wirksamkeit einer instationa¨ren Anregung der Mischungsschicht durch dynamisch aktu-
iertes Ausblasen untersucht. Als abschließendes Ergebnis kann der Zielauftriebsbeiwert von
5.0 mit einem um 43% verringerten Strahlimpuls im Vergleich zur Referenzkonfiguration
erreicht werden.
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iv
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1 Introduction
1.1 Motivation
Transportation plays a primary role in global economic development, creating a need for
efficient world-wide mobility. For instance, the current expansion of international markets,
along with the global urbanization, drive projections of a rapid growth of the world traffic
volume. Based on these considerations, strategic drivers for the future of aviation research
were identified by NASA in 2013 (NASA Blueprint for Aeronautics [115]):
• global growth in demand for air mobility;
• climate issues, sustainability, energy transition;
• technological exchange among different fields.
The main objective of the long-term vision defined by these drivers is to define concrete
guidelines for improving the quality of the commercial service and solving issues arisen
from the continuous growth in demand for passengers and goods transportation. Similar
objectives are established by the “Vision Flightpath 2050 - Strategic Research and Inno-
vation Agenda”, published in 2011 by the Advisory Council for Aviation Research and
Innovation in Europe (ACARE) [3]. In particular, the reduction of polluting emissions and
door-to-door travel time are among the main goals. An effective solution to these problems
is to extend commercial transport to small airports, which are currently unused for this
purpose because of short runways and proximity to populated areas. In this respect, the
aircraft flight performance and noise emissions during take-off and landing play a primary
role. A technological challenge is therefore represented by the high-lift systems, since they
are responsible for providing the required lift coefficient and delaying stall at low flight
speed. Complex mechanisms have been developed throughout the aviation history, lead-
ing mostly to a single extended leading-edge slat and one or more extended trailing-edge
flap(s). These extended elements are however heavy and expensive to manufacture. To
address these issues, the application of active flow-control technologies to high-lift systems
has the potential of enhancing the lift performance and reducing the system complexity
[13]. The essential difference between passive and active high-lift systems is that passive
systems are based only on a modification of the airfoil geometry into a new fixed configu-
ration which is suited to low flight speed; whereas active systems employ mechanical power
to manipulate the flow behavior, for instance energizing regions of the flow field by means
of jets, or removing parts of the boundary layer through a suction slot. In this way, active
systems can generate high lift without complex mechanisms. In fact, active flow control
may also lead to quieter aircraft, as it can provide the required lift coefficients without
employing gaps, which are identified as major sources of airframe noise during approach
and landing [135]. Along this line of thought, extensive knowledge is available from about
80 years of research on active high lift (see for example [118, 52]). The recent improvements
in design means and techniques have yielded substantial progress in this field, as stated by
Gad El Hak in 1991 in a comprehensive review of separation control techniques [54]: “The
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tremendous increases in CFD capability which have occurred as a direct result of increases
in computer storage capacity and speed are transforming flow separation control from an
empirical art to a predictive science.”
1.2 Objectives and Outline
The overview on flow control research presented in the next section gives a glimpse of
decades of experimental, theoretical and numerical efforts focused on developing effective
circulation control technologies. In this scenario, however, two fundamental aspects remain
to be further investigated and improved: the aerodynamic efficiency of the overall high-lift
configuration and its integration into the aircraft. Shortcomings in addressing these aspects
would raise major technical problems and eventually prevent the industrialization of this
technology. Recent analyses proved that only a multidisciplinary approach can provide
viable solutions to these issues. Following this idea, the Collaborative Research Center
(Sonderforschungsbereich) SFB 880 was founded to develop active high-lift generation so-
lutions for future civil aircraft, combining the fields of aerodynamics, flight mechanics,
aeroacoustics, material science, micro-technology, turbomachinery and electrical engineer-
ing. The joint effort is coordinated on the conceptual design data of a reference transport
aircraft, which represents the state of the art in CO2 reductions, low noise emissions, and
short takeoff and landing capabilities.
Within the framework of the SFB 880, the present work aimed at developing a highly
effective active high-lift configuration by means of RANS numerical simulations. In partic-
ular, the following objectives and design choices defined the guideline of the project:
• assure CL ≈ 5 at maximum lift condition;
• avoid the use of gaps to reduce noise emissions;
• provide a configuration that meets the technical aircraft-integration requirements set
by the other research teams.
The active flap device employed here was previously developed at the Institute of Fluid
Mechanics of the Technische Universita¨t Braunschweig and is based on a thin air jet tan-
gentially blown over the curved upper surface of a simple-hinged flap deflected by 65◦.
Thanks to the Coanda effect, the jet follows the contour of the flap entraining the sur-
rounding flow downward and generating lift [130]. Starting from this configuration, the
present project developed new technologies to reduce the momentum required by the jet
to provide effective flow turning. The overall high-lift configuration is sketched in figure
1.1. The leading edge is equipped with a flexible droop-nose device suited for the high
circulation levels yielded by the Coanda flap. The boundary layer behavior over the wing is
improved by a wall-suction device, based on the idea that the Coanda jet can be generated
by compact electric compressors integrated into the wings and the compressor intake can
be used to manipulate the flow field around the airfoil. Finally a variable nozzle geometry
is employed to modulate the wall-jet momentum and enhance flow mixing over the Coanda
surface. The development and testing of these three elements is the object of this thesis
and is organized in dedicated chapters.
Chapter 2 briefly illustrates the numerical approach adopted for the CFD simulations,
and the main physical mechanisms that characterize the Coanda-flap flow and the stall dy-
namics. The employed Coanda-flap configuration is also presented here, reporting the main
design features and some important aerodynamic sensitivities to geometrical parameters.
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Figure 1.1: Scheme of the active high-lift configuration.
Chapter 3 describes the aerodynamic design of the droop-nose device. The geometry of
the first 20% of the airfoil chord is modified to delay stall through a more efficient pressure
distribution. Aerodynamic sensitivities of thickness and curvature are investigated, showing
the improvement yielded by the flexible droop nose with respect to a conventional simple-
hinged leading-edge flap.
The flexible device is then integrated into a high-wing wing-body aircraft configuration,
as presented in chapter 4. The three-dimensional flow simulations highlight some unex-
pected flow phenomena at the wing root, which limit the maximum lift and cause stall at
angles of attack significantly lower than for the two-dimensional analyses.
Chapter 5 focuses on the two-dimensional design of the air intake of the compact com-
pressor. The intake duct is used here as a suction slot to manipulate the behavior of the
boundary layer. Therefore, the intake slot is designed to achieve two objectives: obtaining
high total pressure recovery at the end of the suction duct and increasing the maximum
high-lift coefficient. A method is proposed to combine these two objectives in a single
quantity, which is then used to evaluate the overall performance of different shapes and
locations of the suction slot.
Chapter 6 discusses the effectiveness of unsteady actuation for the present Coanda flap
application. Since the present study will be validated by water-tunnel experiments, two
actuation techniques suited for incompressible flows are compared: 1) deforming the lip
above the blowing nozzle and 2) controlling the total pressure in the jet plenum. The jet
effectiveness obtained with the two approaches is compared analyzing the interactions with
the outer flow. Next, a sensitivity study is performed to investigate the flow response to
different forcing signals and the most important actuation parameters are identified.
1.3 State of the Art
1.3.1 Separation Control by Suction and Blowing
Flow separation is generally defined as the detachment of a fluid stream from a solid surface
(e.g. [101, 22, 188, 54]). It can be caused by different factors, such as a severe adverse
3
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pressure gradient [175, 176], or a sudden change of geometry [11, 80]. When the flow is
still attached to the body surface, fluid particles within the boundary layer are slowed
down by friction and by the increasing pressure, in case of an adverse pressure gradient. In
terms of energy principles, the kinetic energy of the moving particles is gradually converted
into potential energy by the adverse pressure gradient, and dissipated into heat by viscous
effects through friction. If the initial kinetic energy is not sufficient to overcome the two
effects, the motion of the near-wall fluid is eventually arrested. At this point the surface
streamline leaves the body, and the boundary layer is said to separate [101]. Further
downstream, a region of reverse flow occurs, where vorticity and velocity components normal
to the surface are significantly higher. Boundary layer separation is in general associated
with losses of some kind, for example losses of lift, increase of drag, reduced pressure
recovery, etc. For this reason, engineers have been developing methods and devices to
improve the boundary layer behavior and delay flow separation or avoid it entirely. Flatt
[45] defines as boundary layer control any mechanism or process able to alter the normal
behavior of the boundary layer, considering as normal behavior the natural development
of the flow on a smooth straight surface. Fitting this definition are, for instance, control
of transition, separation, skin friction, heat transfer, etc. Given an imposed geometry,
the kernel problem in separation control is to enhance the momentum within the boundary
layer. For this purpose, momentum can be transferred from the stream above the boundary
layer or injected from an external powered source. The most popular flow separation control
techniques are based on either passive devices, for example boundary layer tripping or vortex
generators; or active ones, such as tangential blowing or wall suction. Typical applications of
separation control are listed by Gad El Hak in [54]: effective low Reynolds-number airfoils
for remotely piloted vehicles, propellers, windmills, helicopters, etc.; efficient inlets and
diffusers; improved axial flow compressors; increased maximum lift for increased payloads;
reduced engine power or noise at takeoff; shorter runways and reduced approach speeds;
super maneuverability; efficient and effective stall or spin control; reduced drag on missiles,
automobiles, ships and helicopters; as well as a myriad of applications in industrial aero-
and hydrodynamics.
The idea of controlling flow separation is rather old. One year after the first powered
flight, Prandtl pioneered the modern use of flow control in front of the audience of the
Third International Congress of Mathematicians held in Heidelberg, Germany [138]. In the
8 pages required for acceptance by the Congress, Prandtl introduced the boundary layer
theory, explaining the mechanics of steady two-dimensional separation, and described sev-
eral experiments in which the boundary-layer behavior was manipulated. Later, in 1927
he proved the efficacy of removing a portion of the boundary layer by suction, to reduce
the drag generated by a bluff body [139]. He obtained suction by means of a narrow slit
located on one side of a circular cylinder, about 10◦ downstream of the natural separation
line. As a result, separation was delayed on that side of the cylinder, yielding a great drag
reduction and producing a transverse force. According to Schlichting [156], the benefit of
boundary-layer suction is essentially generated by a variation of the velocity field outside
of the boundary layer. The suction device creates a sink velocity distribution which is
superimposed to the natural field. The flow upstream of the suction slot is therefore accel-
erated and separation is delayed. On the other hand, downstream of the sink the flow is
decelerated, but the reduction of boundary-layer thickness due to the suction enables the
boundary layer to withstand greater pressure gradients without separation. Experimental
investigations of the lift performance enhancement yielded by boundary-layer suction were
conducted by Schrenk in 1931 [164]. Testing of several suction-duct shapes and locations
on a two-dimensional wind-tunnel model led to the conclusion that suction should be ap-
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plied downstream of the suction peak in order to enable the boundary layer to withstand
the adverse pressure gradient. Based on this research the German Aerodynamic Testing
Establishment (AVA) decided to undertake the testing of suction in flight by designing
and constructing the “suction aircraft” prototype AF1 [165, 166, 182, 207]. The lift gain
yielded by suction was considerable, as the lift coefficient at takeoff of the AF1 was almost
doubled and the rolling distance reduced by one half. The experience gained with the
AF1 led to a second prototype in 1939, the AF2. With respect to the AF1, the improved
prototype had thinner airfoils, two suction slots, and the suction blower was driven by the
aircraft engine. A detailed description of the two designs, and a comparison of the flight
performances can be found in Ref. [181], which was translated into English after the war
and published as a NACA technical memorandum [183]. Boundary layer suction for the
purpose of lift enhancement on high-lift configurations was also carried out by Walz [194],
who applied suction to different airfoils and different flap chords. The necessary suction
quantities, however, were too high to be of practical interest [206].
In the same years active flow control by tangential blowing was also investigated. Tan-
gential blowing from a thin slit in the flow direction allows direct injection of momentum
into the boundary layer, which enables the flow to withstand a greater pressure gradient
and delays separation. Ejecting air through a backward opening slot located on the upper
surface of an airfoil was first reported in the United States by Knight and Bamber in 1929
(N.A.C.A., TN 323), in France by Toussaint in 1931 (St. Cyr unpublished report) and
in Germany by Baumann in the early 1920’s (unpublished results reported by Wieland in
1927) [2]. This configuration received even more interest after the discovery of the Coanda
effect, around 1935. According to the story, the Romanian inventor Henry Coanda em-
ployed a curved surface to deflect the exhaust of a radial piston engine from the wooden
fuselage structure of an aircraft. As a result, the shielding plates entrained the hot exhaust
inward, igniting and destroying the aircraft. The capability of the jet to follow a curved sur-
face was then used in many devices, including car engines exhaust scavengers, wind tunnel
turning vanes, thrust augmentors, water propulsion units, deflection surfaces, and rotary
pumps [36]. The research continued during the following decades, leading to numerous
attempts to apply boundary layer control to aircraft prototypes. In particular, the need
for air superiority that preceded WWII provided great motivation and governments funded
considerable research efforts in which high priority was given to boundary layer control. In
1944, experiments with variable blowing slot heights revealed that lift increments at equal
values of blowing mass flow increased as the width of the slit was reduced [169]. When the
same results were plotted in relation to the jet momentum, on the other hand, the lift per-
formance collapsed on a single curve. The momentum coefficient was therefore introduced
in 1948 to characterize blowing actuation (see Poisson-Quinton and Lepage [134]):
Cµ =
Fj
q∞Sref
=
Ujm˙j + (pj − pa)Aj
1
2
ρ∞U2∞Sref
(1.1)
where vj and m˙j are the velocity and the mass flow of the jet at the exit, and Sref is a
reference surface.
The results achieved at that time had only little more than marginal success and there
is no record of actual application of active flow control to operational aircraft during that
period. New impetus was given to the research on boundary layer control with the introduc-
tion of jet powered aircraft in operational numbers in the military services. In particular,
the use of jet fighters on Navy aircraft carriers defined new requirements in terms of takeoff
and landing speeds. One of these research programs led to the high-speed blowing flap sys-
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Figure 1.2: An F9F-2 of VF-21 aboard the
USS Midway in 1952 [59]. Figure 1.3: Full-scale application of suc-
tion and blowing on the
Breguet “Vultur”, 1956 [134].
tem proposed by Attinello in 1952 and first tested on a Grumman F9F Panther jet fighter
in December 1953 [2] (figure 1.2). In that case, the compressed air was spilled from the
engine, between the compressor and the combustion chamber, and yielded a decrease in
stalling speed of 9 kn for takeoff and 7 kn for approach [59]. In the same period, Poisson-
Quinton and Lepage utilized ejectors that enabled the use of suction and blowing combined
on a two-element trailing-edge flap [134]. The upstream flap shoulder was slotted and also
served as ejector inlet, providing suction. The shoulder of the second flap was instead used
for blowing. The resulting lift was 56% higher than a conventional two-element Fowler
flap, at Cµ = 0.082. The behavior of the system was also tested in flight, on the Breguet
“Vultur”, resulting in stall speed reduction of 20 km/h (figure 1.3). In the following years,
a large number of other experimental aircraft demonstrated the effectiveness of boundary
layer control. Some of these aircraft reached the mass production, as the Lockheed’s F-104
(in production from 1955 to 1983) and the MIG-21.
The enhancement of cruise performances has always been a priority for the aerodynamic
research. It was suggested that laminar flow could be maintained by means of suction over
a thick wing section if a favorable pressure gradient exists over most of its surface. The
GLAS II airfoil, designed by Glauert in 1955 [49, 50], achieved lift to drag ratios from 250 to
550 at CL > 1 and Re ≈ 106. To achieve this extreme performance, however, no attention
was paid to the energy needed by the suction system. Eventually, a flight test conducted
with a glider revealed the problems related to the very high suction requirements, and the
research was abandoned [74]. In 1956 Raspet at al. observed that the efficiency of suction
was enhanced when obtained through a porous surface instead of a single slit [144]. A few
years later, in 1961, Loftin tested different suction-slot shapes with the purpose of reducing
drag by extending the region of laminar boundary layer [94]. From the experiments he
concluded that a large slot reduces the viscous losses inside the suction duct, but also
generates a detrimental disturbance in the boundary layer of the external flow.
A comprehensive review of the research performed until the 1960 on flow control was
published by Lachmann [87, 88]. The two volumes provide a broad overview of theoretical
and experimental efforts undertaken worldwide to develop boundary-layer control meth-
ods and represents an important milestone in the gathering and sharing of the knowledge
achieved during the previous forty years of research on the topic.
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In the early 1960’s, flight tests performed by Schwarz and Wuest [168], and Head and
Clark [56] showed that suction at the leading edge could replace a conventional leading-edge
slat. An exhaustive review of prototype aircraft for boundary-layer suction research was
published by Cornish in 1965 [29]. Later, further insight into the physics of boundary layer
suction was provided by the experiments of Schildknecht, who measured the effects of wall
suction on the turbulent flow inside a pipe [155]. When the suction device was activated, the
velocity components normal to the wall were increased, generating a transport of turbulent
energy towards the wall, where the energy was dissipated. As a result, the turbulent energy
was drastically reduced even with low suction rates.
Meanwhile, important progress was also achieved in research on boundary-layer momen-
tum injection. In 1960, for instance, the Japanese company Shin Meiwa built a STOL
seaplane prototype equipped with active flow control. In this case, the blowing device
mounted on the high-lift flaps was powered by a dedicated gas turbine, positioned inside
the fuselage. The active flap were also able to deflect the propeller stream and enhance
the lift performance to CL ≈ 7 [79]. This design reached the industrial production in the
1970’s under the designation US-1A [187], and was updated in the 1990’s with the new
version Shin Maya US-1A “kai” (“improved US-1A”). In the 1970’s the United States Air
Force launched the AMST (Advanced Medium STOL Transport) project, issuing an offi-
cial request for proposal in 1972. The project was intended to replace the Lokheed C-130
Hercules tactical transport, based on new STOL specifications. These included operating
from a 610 m semi-prepared field with a 740 km range and a 12 t payload [122]. The
C-130 of that era required a field length of about 1.2 km for this load [34]. The projects
presented by Boeing and McDonnel Douglas won development contracts and resulted in
two new prototypes, the YC-14 and YC-15, respectively (figure 1.4). Both aircraft met the
STOL requirements by using active high-lift systems. In the case of the Boeing YC-14,
the two jet engines were mounted over the wing, blowing air over the suction side of it.
The jet streams would then follow the curvature of the wing and of the deflected flap, thus
providing high lift [114, 195, 19, 184, 102]. This kind of active lift generation system is
known as “upper surface blowing”. Blowing was also applied at the leading edge of the
airfoil, to delay flow separation in that area. Even with one inoperative engine, the YC-14
was able to reach CL ≈ 4. For the McDonnel YC-15, the required STOL capabilities were
achieved by employing an “externally-blown flaps” configuration. The four turbofan en-
gines were mounted underneath the wing and the propulsive jets were deflected downward
by double-slotted flaps. Although both designs could fulfill the requirements, neither the
YC-14 nor the YC-15 ever reached production, as budget limitations forced the USAF to
cancel the program [77]. The YC-15, however, served as basis for the C-17, which has been
the most successful active-circulation-control aircraft so far.
At the same time, NASA in collaboration with Boeing modified a Havilland C-8A with
a high-lift system based on an “upper surface blowing” configuration to obtain STOL
characteristics [42, 28, 141, 97]. The first flight was performed in 1978. Similarly to the
YC-14, the four jet engines of the “Quite Short-haul Research Aircraft” (QSRA) were
located on top of the wing, and the leading edge was equipped with a blowing slit to avoid
separation [27]. The leading-edge device, however, was later replaced with a conventional
slat [100]. This configuration yielded lift coefficient around 10. In order to assure sufficient
control authority at very low flight speeds, part of the external engine jets was directed
to the ailerons. The same configuration was later adopted for a modified version of the
Kawasaki C-1 built by the Japanese National Aeronautics Laboratory in the late 1980’s,
named ASKA [209, 208]. In this case, the “upper surface blowing” wing was able to provide
CL ≈ 5. Also in this configuration the flow of the external engines was partially deviated
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(a) YC-14 [60] (b) YC-15 [61]
Figure 1.4: Active high-lift prototypes resulting from the USAF Advanced Medium STOL
Transport project.
to the ailerons to allow longitudinal control at low flight speed. The upper surface blowing
concept was extensively investigated in the 1970’s and 1980’s during several other research
programs, as for instance Ref. [48, 47, 96, 98, 153, 9], to name only a few. The advantages of
such configurations at low speeds were balanced by disadvantages during cruise conditions
[10, 104, 199]. The nozzle shape, for example, was designed to spread the jet stream over
a wide portion of the wing for higher efficiency during slow flight. This, however, was
affecting the thrust generated by the jet. An additional problem of the integration of the
engine above the wing was the aerodynamic interference between the engine fairing and the
wing [83, 173], which significantly increased drag at high flight speed (M > 0.7) [6, 154,
133, 73].
Zha et al. developed in 2006-2007 an airfoil configuration where suction and blowing
were combined [213, 214]. The suction slot was located at the end of the suction side and
the internal flow was then directed to the leading edge, where it was blown from a thin slit,
tangentially to the airfoil upper surface. In this configuration suction was used to avoid
separation at the trailing edge, whereas blowing was enhancing boundary layer momentum
at the leading edge. This set-up was mechanically very simple, as it allowed high-lift
generation without moving parts. However, the system could not be turned off during cruise
condition, increasing significantly the overall energy requirements. Nevertheless, Esposito
et al. came to the conclusion that this high-lift system, in combination with a simple-hinged
20◦ flap, could be employed on a Boeing 777-330 [43]. More recently, in 2013, Chen et al.
compared the lift performances obtained by boundary layer suction and tangential blowing
when applied to a thick airfoil with the purpose of trailing-edge separation control [23].
The comparison showed that suction was more effective for a low momentum of the flow
through the slot; whereas for high levels of actuation tangential blowing yielded a better
performance. Moreover, according to the study, the benefit of suction was enhanced by
locating a wide slot downstream of the natural separation line; whereas blowing was more
effective when applied from a thin slit upstream of the natural separation line. The same
conclusions were drawn by Schmalzel in 2006, who tested suction and blowing devices on a
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(a) Coanda circulation control with
blunt trailing edge
(b) Coanda flap
Figure 1.5: Internal blowing concepts to obtain high lift coefficients.
V-22 airfoil [157] and on a powered airplane model, and observed that suction can be more
effective than blowing at low rates.
The various flow control approaches were categorized by Gad El Hak based on their
required energy expenditure [53]. Tangential momentum injection into the boundary layer
was identified as one of the most promising flow separation control techniques. External
blowing configurations, as the aforementioned “externally blown flaps” and “upper surface
blowing”, yield moderate powered lift augmentation for a given thrust-to-weight ratio.
Larger lift gains can be achieved by blowing internally supplied air over suited convex
surfaces. In both configurations sketched in figure 1.5 effective flow turning is achieved by
exploiting the turbulent flow entrainment of a tangentially blown Coanda jet to avoid flow
separation. The blunt trailing edge configuration, however, requires actuation also during
cruise phases in order to prevent a drastic drag increase due to trailing-edge separation. This
problem can be solved with a movable trailing edge device (figure 1.5b), which can provide
the suited Coanda surface for takeoff and landing while maintaining the sharp trailing edge
during cruise. This configuration is also referred to as “Coanda flap”. The terms “Coanda
flap” and “active high-lift flap” are used in the following sections interchangeably to refer
to this configuration. A comprehensive overview of the state of the art in the field of
circulation control by internal blowing can be found in Ref. [35].
A Coanda flap device was implemented into a supercritical airfoil by Englar in 1984 [37]
and later improved for numerical validation [41, 39]. Here, a 0.7% chord flap, pivoted about
a hinge located on the lower surface of the airfoil, thus exposing a low radius at the exit
of the blowing slot. This configuration was named “dual radius Circulation Control Wing”
(CCW), and was the object of several investigations. This airfoil yielded CL ≈ 8 at Cµ = 0.3
in landing configuration, reducing the necessary takeoff and landing runway length by about
70-80% [40]. A Coanda-like active flap configuration was also tested by Meunier using the
ONERA elsA CFD code [107]. An automated surrogate-based optimization algorithm was
assessed for the design of a circulation control airfoil. The configuration consisted of a
simple-hinged deflected flap and a conventional slotted slat.
More recently, Milholen et al. [108] conducted experiments in the NASA-LaRC National
Transonic Facility at high Reynolds number with the “FAST-MAC” model. The tapered,
swept and twisted supercritical wing model was equipped with a 15%-chord Coanda flap
at 60◦ deflection. The Reynolds number reached 15 · 106 and the freestream Mach number
varied from 0.1 to 0.2, for the high-lift configuration. With the Coanda jet fully attached
to the flap, the circulation control nearly doubled the lift coefficient, at α = 0◦. For higher
blowing momentum the lift kept increasing but at a lower rate. At M = 0.2, however, a
supersonic expansion occurred on the Coanda surface, followed by a sudden separation of
the wall jet. As a result, the lift exhibited a sudden decrease for Cµ > 0.1. The FAST-MAC
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model was also tested in cruise conditions, with freestream Mach number ranging from 0.7
to 0.88 and Reynolds number from 10 · 106 to 30 · 106. These measurements proved the
potentials of active circulation control to positively influence the compressible flow field
over the wing during cruise flight.
1.3.2 Noise Research on Tangential Blowing Devices
A major potential benefit of employing active flow control to high-lift systems is the re-
duction of the noise impact on the areas surrounding airports. Two aspects could yield
significant improvements in this respect: (a) the possibility to avoid the use of gaps, thus
reducing noise emissions [110], and (b) steep climb-out and approach flight paths, which
reduce noise exposure to surrounding communities [40]. Experimental measurements of the
noise generated by a high aspect-ratio jet were carried out by Munro et al. [111, 113, 112].
The experimental set-up was designed to investigate the flow dynamics and the aeroacoustic
characteristics of a free jet, with the possibility of varying its width and thickness. The
noise intensity was found to be proportional to the square of the jet height, for aspect
ratio higher than ∼ 600 and to power of 3/2 of the height, for lower aspect ratios. The jet
width was found to have little effects on the noise intensity. Pollenske recently investigated
the noise produced by a Coanda flap configuration very similar to the one employed in the
present work [136]. A 0.3-meter chord airfoil model was equipped with a 30% chord Coanda
flap, deflected by 40◦. In comparison with a conventional 3-element high-lift configuration
generating the same lift coefficient, the gap-less Coanda flap led to a noise reduction of 5 to
8 dB in the frequency range from 0.2 kHz to 2.0 kHz, depending on angle of attack, blowing
rate and flight speed.
1.3.3 Numerical Simulation and Experimental
Validation of Tangential Blowing Devices
The broad picture drawn by the large number of published research on active flow control
clearly shows that several parameters need to be carefully investigated in order to assess
the potential of a particular mechanism. For instance, optimal slot location and dimen-
sions may be different for various flow conditions and airfoil geometries. Therefore, the
design of an active flow control device must begin with a comprehensive investigation of
the aerodynamic sensitivities to the design parameters for the specific application. For this
purpose, Computational Fluid Dynamics (CFD) is an extremely powerful tool. However,
the complex physics of active separation control mechanisms, along with the broad range of
spatial and temporal scales that characterize the flow phenomena, may affect the accuracy
of numerical simulations. Extensive research in this direction was undertaken in the last
decades with the support of experimental measurements and sophisticated simulations, in
parallel with the pursuit of highly efficient configurations.
An early numerical approach to account for streamline curvature was proposed by Dvorak
in 1973 [32, 33], and was able to realistically predict the behavior of a turbulent boundary
layer on a convex surface, as described by the experimental data of Kind and Maull [81]. Im-
proved experiments, with the purpose of CFD-solver validation, were performed by Novak
et al. on an elliptical airfoil in 1986 [123, 124]. During these campaigns Laser-Doppler-
Anemometry was used to measure boundary-layer profiles and velocity fluctuations in the
flow above the Coanda surface. These results remained for long time the only validation
data available for calibration of numerical solvers and turbulence models. More recently,
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Rumsey et al. [150] tested the accuracy of three types of turbulence model in presence of
curvature effects for the flow in a U-duct. The explicit algebraic stress model led to slightly
better results than the two linear eddy-viscosity models (the one-equation Spalart-Allmaras,
SA, model and the two-equation shear stress transport, SST, k − ω model from Menter).
However, none of these models was able to capture the suppressed turbulence near the con-
vex wall, whereas a full Reynolds stress model was. The paper shows that the assumption of
Reynolds stress anisotropy is not fulfilled in region of strong curvature. Similar conclusions
were drawn by Slomski et al, who investigated the influence of turbulence models on the
performance of active high-lift airfoils in 2002 [177]. Three advanced turbulence models
were tested: the standard k −  model, a modified k −  model, and a full Reynolds stress
model. For low jet momentum rates, the k −  and modified k −  models could predict
lift reasonably well. For higher Cµ, however, only the Reynolds stress turbulence model
could accurately capture the physics of the circulation control problem. A few years later,
in 2006, Lee-Rausch simulated the flow around a Coanda flap configuration employing the
SA model [89]. Although an angle-of-attack correction was estimated to compare numerical
and experimental results, it was not possible to obtain good agreement between the two
data sets. The author mentioned jet velocity and wall interactions as possible uncertainties
responsible for the poor validation. More accurate results for the same configuration were
obtained by Chang [21], who employed a Reynolds stress model and the Menter SST model.
In order to increase the capability of the SA model to predict high-curvature flows,
Spalart and Shur proposed a modified version of the SA model referred to as SARC (Spalart-
Allmaras model for Rotation and/or Curvature effects) [179]. The SARC model was finally
able to match quite well experimental results from a curved channel [174]. The higher
accuracy of the SARC model for rotational flows was also confirmed by Nichols [117], who
compared SARC and SA results for the simulation of a free vortex. Similarly, Hellsten
proposed a correction for the Menter SST model, which led to more accurate results for
rotational or curved flows [58]. Both the SA and the Menter SST models, with the respective
corrections were tested in a U-duct by Mani, and provided fairly good results [99]. The
SARC model, in particular, led to the most accurate solution, but at higher computational
costs. Performance improvements of two-equation turbulence models for curved wall jets
were also achieved by Pajayakrit [127], who introduced rotation/curvature modifications to
the Wilcox k − ω [201] and Wilcox multi-scale [203] models. Brandsma et al. investigated
the behavior of the two-equation k − ω model for capturing the vortical structures at the
leading-edge of a delta wing [12]. Two approaches were tested to improve the accuracy of
the simulations. One modification consisted in limiting the production of turbulent kinetic
energy in the k-equation, whereas the other modification aimed at increasing the production
of dissipation in the ω equation. The comparison with experimental results showed that
increasing the production of ω yielded higher accuracy. Recently, Weinman published an
overview on the numerical rotation/curvature treatments available in the DLR TAU code
[197].
Although the rotation/curvature corrections improved the performances of the one and
two-equation turbulence models in presence of curved flows, circulation control simulations
still represent a challenge. In 2006, Swanson and Rumsey published a study that aimed at
identifying issues and inaccuracies for this particular class of problems [185]. The tested
models were the SARC model, the Menter SST model and the k − ζ model (turbulent
kinetic energy and enstrophy). All models over predicted significantly the experimental
results, showing, however, very different convergence histories and reactions to mesh refine-
ment. Results obtained with the SARC and the k − ζ models have exhibited consistency
with mesh refinement, whereas the Menter SST results showed inconsistent behavior. More-
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over, Menter SST steady-state computations did not reach converged solutions because of
irregular fluctuations of the aerodynamic coefficients and sometimes unphysical flow fields.
Only time-accurate computations were resulting in converged solutions, for the Menter SST
model.
In the same year, a dedicated wind-tunnel campaign was carried out by Jones et al.
to define a guideline for active high-lift experiments aiming at numerical validation [70].
The analysis focused on the physics of the flow phenomena using highly accurate measure-
ment techniques, such as hot wire and Particle Image Velocimetry (PIV). One of the main
outcomes of the study was the conclusion that for the design of numerical-validation ex-
periments, the main driver should be a high measurement accuracy, rather than the airfoil
lift performance. This includes relatively thick Coanda jets and large Coanda surfaces in
order to easily measure the jet characteristics and velocity profiles at the nozzle outlet and
on the Coanda surface. Moreover, the model should have an aspect ratio greater than 3, to
minimize the juncture effects associated with extreme high lift. An overview of the CFD
validation experiments conducted at NASA until 2008 was published by Jones [72]. Based
on this experience a new model was built and tested by Georgia Tech Research Institute in
collaboration with NASA with the purpose of CFD code validation [38]. Separation con-
trol was implemented by tangential blowing over a thick circular trailing edge in order to
achieve accurate measurements of the flow quantities. Moreover, without a sharp trailing
edge the Kutta condition is entirely determined by the blowing momentum. Under this
condition the solution of a numerical simulation is particularly sensitive to the capability
of the turbulence model to accurately estimate the eddy viscosity, even in the presence of
high flow curvature. Allan et al. performed numerical simulations of this configuration in
2011 [1]. The numerical study started with a comparison of the bench top (i.e. U∞ = 0) jet
velocity profile, obtained experimentally by hot-wire measurements. The numerical solu-
tion showed, in this case, good agreement with the experiments. In presence of a M = 0.1
oncoming freestream flow, however, the jet velocity peak increased, due to the lower local
static pressure, which creates uncertainties on both the numerical and experimental side.
The one-equation Spalart-Allmaras and the two-equation Menter SST turbulence models
were tested, with and without rotational/curvature correction (RCC). The SA model over-
estimated the airfoil lift by 70%, which was reduced to 46% by the RCC. The Menter SST
model with RCC performed better, but still over predicted the lift coefficient by 25%. Low
Mach number preconditioning was also tested, but it simply introduced a small amount of
unsteadiness to the lift convergence history without varying the final lift coefficient. Note
that these two-dimensional computations did not account for wind tunnel wall effects. In
later experimental analyses, the internal shape of the plenum was modified to reduce inter-
nal turbulence and improve jet characteristics [128]. Also, a transition study highlighted
the need for applying trips to both the upper and the lower surfaces of the airfoil model.
Other test cases were examined by Rumsey [152] to characterize the behavior of RANS
turbulence models with active flow control. All tested models predicted too low turbulent
shear stresses in the 2D separated region, resulting in a late flow reattachment, in com-
parison with experiments. The differences in pressure distribution among the SA, Menter
SST and EASM-kω models were not large in comparison to the difference obtained with
respect to the experimental data. Second order turbulent advection terms were also tested
and compared with the commonly used first order terms. The improvement in accuracy
were not significant and the second order terms did not always run successfully. An im-
portant issue that emerged in circulation-control airfoil simulations was the occurrence of
non-physical solutions with circular trailing edges. In these critical cases a wrap-around of
the jet was predicted, where the jet remained attached to the entire circular trailing edge
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and part of the airfoil pressure side. The problem was addressed by Swanson in [186]. In his
case, the use of rotation/curvature correction solved the problem, allowing the SA model
to accurately predict separation. An insufficient grid density in stream-wise direction on
the Coanda surface was also considered a possible cause of this behavior.
The shortcomings of RANS models for flows involving separation or free vortices emerged
also from the work of Togiti et al. [191]. The test case was a flat plate with zero pressure gra-
dient and with a single circular or rectangular actuator (hole or slot). DLR’s SSG/LRR−ω
differential Reynolds stress model was applied and its results were compared to predictions
obtained with eddy-viscosity-based models (SA and Menter SST). Result comparisons re-
vealed that the SA and Menter SST model were unable to capture the vortices further
downstream of the injector, whereas the predictions by the SSG/LRR − ω model agreed
well with the measurements.
A deeper understanding of the physics of wall-bounded jets on curved surfaces could
provide an important contribution to the development of accurate numerical methods for
active high-lift systems. Detailed information is, however, either lacking or difficult to obtain
from experiments. In this context, highly accurate numerical simulations can be a useful tool
to develop a reliable and comprehensive computational database. The capability of highly
accurate simulation approaches to provide detailed information on boundary layer transition
and separation was assessed by Yang in 2001 [210] and Li in 2003 [91], who performed Large
Eddy Simulation (LES) and Direct Numerical Simulation (DNS) computations, respectively.
The investigated configurations were a round leading edge at Re = 3450, in the first case,
and a NACA 0012 at α = 4◦ and Re = 100000 in the second case. In both studies, the
information content of the solutions was extremely rich, allowing an accurate description
of the transition and separation mechanisms.
LES circulation control simulations were carried out and validated by Nishino in 2010
[119]. A very good agreement with experimental measurements was achieved at low blow-
ing condition (Cµ = 0.044), but for higher blowing rate (Cµ = 0.12) the results were less
accurate. However, more detailed data of the jet boundary condition at the slot exit would
be required to draw firm conclusions. Also, interactions between the tunnel side walls and
the jet sheet can generate streamwise vortices downstream of the model, which induce an
additional component of downwash [120]. This effect increases with increasing blowing rate
and was not accounted for in the presented comparison. The detailed information provided
by the LES computations from Nishino was later employed for a comparison with RANS
models [151]. The investigation consisted of 3D LES computations and 2D RANS com-
putations using SA, SARC, Menter SST, Menter SST with curvature correction (SSTRC),
and EASM-kω turbulence model. The study confirmed the importance of rotation and
curvature corrections for the simulation of Coanda jets, since only the models able to cap-
ture these effects (SARC, SSTRC and EASM-kω) were able to predict the location of the
flow separation in good agreement with LES. Among these, the most accurate velocity and
turbulence profiles over the Coanda surface were provided by the SARC model. Although
the flow field over the Coanda surface could be reproduced fairly well, the RANS models
still predicted between 12% and 17% higher lift. Accordingly, the location of the stagnation
point and the suction peak at the leading edge were not matching the experiments. The
reasons for this discrepancy may be an insufficient grid resolution, a different vortex struc-
tures in the separated region, or shortcomings of the turbulence model in predicting the
free-jet characteristics. The SARC model provided the most accurate results in the near-
wall regions, but it performed worse than SSTRC and EASM-kω in the free-shear jet area
downstream of the separation point. The publication also reported the computational cost
of the employed approaches: on the order of several hours for a fine-grid RANS computation
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on 6 processors, and about 2 months for a LES computation on 256 processors. As part of
the same project, DNS computations were performed by Madavan [95] on the same airfoil.
One major difference between the DNS approach and the LES computations is that the
compressible equations were solved by the DNS solver, whereas an incompressible formu-
lation was used in the LES. At low jet momentum coefficient, the pressure distributions of
the two numerical approaches and the experiments were in very good agreement, allowing
a one-on-one comparison between the LES and the DNS flow field structures. At high jet
momentum, on the other hand, the comparison was not as successful. Higher pressure was
reported at the leading edge and at the trailing edge by the DNS simulations. However,
the suction peak on the Coanda surface matched the experiments fairly well.
From this brief overview on numerical studies on circulation control airfoils it emerges
how the accuracy of the numerical solution strongly depends on the investigated configu-
ration, flow conditions, and turbulence model with relative modifications. In this scenario,
the studies published by Pfingsten in 2009 are of particular interest for the present work,
as he tested both numerically and experimentally a very similar configuration to the one
investigated here [132]. In these studies, the SA turbulence model performed quite well in
predicting the pressure distribution around the circulation control airfoil (see section 2.3.1).
3D simulations also captured the complex vortex structures that occur at the wind tunnel
walls.
1.3.4 Leading-Edge Stall Protection
The high levels of circulation yielded by an active high-lift device induce strong suction
peaks at the leading edge of the airfoil, where the flow experiences a great acceleration due
to the high curvature rate of the surface. This condition may affect the airfoil behavior for
two reasons: 1) the resulting friction causes viscous losses within the boundary layer and
2) the boundary layer has to withstand a strong adverse pressure gradient along the airfoil
upper surface. These dynamics explain the reduction of stall angle of attack typically
observed for an augmentation of circulation due to a trailing-edge device. The classic
means to address this problem are the droop nose and the slat, as sketched in figure 1.6.
The conventional droop nose, also referred to as leading-edge flap, has the advantage of
a much lower technical complexity, but it presents a new area of high curvature over the
hinge line, which causes a second suction peak. This may limit the lift performance in
case of particularly high circulation. An advanced variation of the leading-edge flap is the
flexible droop nose. In this case, the surface curvature is gradually increased by means of
an internal mechanism that deforms a flexible skin. There are currently no examples of
actual use of this device on existing aircraft, but promising research on flexible materials
and internal mechanisms has been successfully carried out [159, 160, 158, 149, 82].
The improvement of maximum lift coefficient and stall angle yielded by conventional
stall-protection approaches depends on the baseline airfoil geometry and various design
constraints. However, the results of the DLR high-lift research program (Wild, Ref. [204])
provide a representative picture. The investigated configuration was a transonic wing sec-
tion equipped with a single slotted Fowler flap and different leading edge devices. The
results are summarized in table 1.1 and show that a slat configuration yields much larger
improvements than a flexible droop nose.
Other studies were carried out by Shmilovich and Yadlin, who compared a rigid-droop
nose device and a conventional slat configuration on an active high-lift airfoil [172]. Also in
this case, the slat configuration led to higher stall angles, compared to the droop-nose device.
The complex flow phenomena generated by a slotted device were also discussed [171]. In
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(a) Rigid droop-nose configuration (b) Slat configuration
Figure 1.6: Conventional leading-edge devices for stall protection.
Table 1.1: High-lift performances of the DLR F15 airfoil equipped with different leading-
edge devices at M = 0.2 and Re = 5 · 106, according to [204].
CLmax αstall[
◦]
Fowler flap and clean leading edge 3.2 8.5◦
Fowler flap and slat 4.6 31.0◦
Fowler flap and flexible droop nose 3.6 14.0◦
particular, the low momentum region of the slat wake exhibited a sudden spreading as it
encountered the strong pressure gradient above the flap. Such dynamics can have a highly
detrimental effect, as they can limit the lift performance even without a boundary-layer
separation [211]. A rigid droop-nose device was also investigated by Jira´sek and Amoignon,
who proposed an approach to optimize the design and compared the resulting configuration
with a Krueger flap [68]. The Krueger flap led to slightly higher lift and higher stall
angles, probably thanks to the extended airfoil surface. The aeroacoustic performance of a
droop nose was recently evaluated by Pollenske et al. [137], who carried out experimental
measurements of a slat configuration and a flexible droop nose device in combination with
a Fowler flap. The acoustic data measured with the droop nose did not show significant
noise increase compared to the cruise leading-edge configuration, which correspond to a
broadband reduction of 5dB with respect to the slat device. The aerodynamic efficiency of
the droop nose, however, resulted about 60% lower than the slat configuration.
Published research on stall protection approaches for circulation control airfoils is lim-
ited. Some of these studies focused on the possibility of delaying stall by employing active
boundary-layer control also at the leading edge [35, 67, 39, 51, 66, 170]. Although the goal
of enhancing the stall angle was achieved, the overall efficiency of the system decreased
considerably because of the additional blowing required by the leading-edge flow control
device. Jensch carried out investigations of leading-edge blowing with the airfoil and flap
configuration employed in the present work [66]. The efficiency of the system was repre-
sented by the ratio between the gain in maximum lift yielded by the active system and
the required blowing momentum. The active high-lift device was a 30% chord Coanda
flap, deflected by 80◦ and the freestream condition were M = 0.125 and Re = 18 · 106.
The minimum blowing rate to avoid flow separation from the Coanda flap was identified
at 0.083. Under these conditions, maximum lift was limited by leading-edge separation at
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αstall = −4◦. An additional blowing slot was then located immediately downstream of the
suction peak, at 0.02% of the chord. A leading-edge actuation of Cµ = 0.043 increased the
maximum lift coefficient by 0.045, but the overall efficiency decreased by 21% because of
the higher blowing. However, this dual-slot configuration turned out to be more effective
than applying the total blowing momentum, Cµ = 0.126, at the Coanda flap only. Tests on
a similar configuration were reported by Englar in Ref. [39]. A 10% chord Coanda flap was
deflected by 90◦ and combined with a leading-edge blowing slot located at 0.5% chord. The
leading-edge blowing was set at Cµ = 0.18, while the flap momentum coefficient was varied
from 0.0 to 0.28. The resulting performances were compared to a Krueger flap deflected by
60◦. The pneumatic device led to higher maxium lift and stall angles over the entire range
of tested flap blowing rates.
From these studies it can be concluded that the high levels of circulation yielded by an
active trailing-edge system create the need for specific leading-edge devices. As a conse-
quence, it is possible to exploit the full potential of active flow control for high-lift generation
only including the leading edge into the design space of the overall system. This process
should begin with a better understanding of the leading-edge flow sensitivities and target
the blowing efficiency of the system, along with maximum lift and stall angle of attack.
1.3.5 Dynamic Actuation
Considerable effort has been undertaken in the last decades to reduce the power required by
flow control means through periodic actuation [52]. Two studies during the mid-1970s inves-
tigated pulsed blowing associated with circulation control and proved that pulsed blowing
reduces the mass flow required to control the boundary layer behavior [126, 193]. However,
the physics of the phenomena remained mostly unexplained. Excitation of shear-layer in-
stabilities was documented by Zaman and Hussain in 1981 [212]. Hot wire measurements
showed that excitation could suppress turbulence up to 80%, limiting the formation of
large convective structures within the mixing layer. Exciting the most unstable modes, on
the other hand, increased turbulent diffusion, thereby generating smaller and less-energetic
structures.
More recently, in 1996, Seifert published the results of four experimental campaigns that
proved the higher efficiency of pulsed blowing with respect to constant blowing for flap
angles until 40◦ [170]. In all configurations, a wall jet was tangentially blown in streamwise
direction from the flap shoulder. Three airfoils were characterized by simple-hinged flaps,
and one by a blown Fowler flap. In all cases, pulsed blowing was enhancing mixing between
the near-wall flow and the momentum-rich fluid above. The jet momentum coefficient could
be reduced by until 90% for the gap-less flap configurations, and 98% for the blown Fowler
flap. This last case was particularly interesting to understand the physical mechanism lead-
ing such a dramatic improvement of actuation efficiency. A pulsed momentum coefficient
of Cµrms = 0.00015 was sufficient to enhance the momentum transport between the flap
boundary layer and the flow that passed through the gap, yielding a 30% lift increase. At
the same frequency, a Cµrms = 0.0012 jet caused a second separation over the flap, reducing
CL to approximately unforced values. This showed that a stronger oscillation caused inter-
action with the wake of the airfoil main element, bringing low momentum fluid to the flap
surface. Much larger oscillations (i.e. Cµrms = 0.0032) were needed to reach the potential
flow above the main element wake and restore attached flow over the flap.
More about the physics of flow separation and reattachment mechanisms emerged from an
experimental study carried out by Nishri and Wygnanski [121]. The test case consisted in a
deflected flat surface mounted at the end of a wind-tunnel floor. Actuation was obtained by
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blowing air from a thin slit located over the flap hinge, where a flaperon provided unsteady
modulation. The flap deflection angle was varied for different blowing jet characteristics,
and the resulting flow behavior was investigated. The optimal actuation to reattach a
separated flow was found at F+ = 1 and Cµrms = 0.0002, which increased the flow-
reattachment flap deflection by 9◦ (the flow naturally reattached at 24◦). The resulting
flow presented still a large separation bubble, which could be reduced by further increasing
the forcing frequency. The optimal frequency to prevent flow separation was 3 < F+ < 4.
Similar behavior was obtained with constant blowing at a Cµ about one order of magnitude
higher. In the same years, Greenblatt and Wygnanski discussed the physics of shear layer
excitation as basis for unsteady actuation in flow control [52]. They investigated the mixing
layer between two flows at different velocities, which causes turbulent momentum exchange
between the two streams. As a result the slower flow is accelerated and entrained into the
mixing layer, while the faster stream slows down. They observed that momentum transfer
across the mixing layer is mostly due to large quasi-deterministic vortical structures and
concluded that the spreading rate, and hence the entrainment, can be altered by a two-
dimensional, small amplitude excitation applied at the origin of the shear layer.
Further research on unsteady flow actuation was undertaken by Jones, who developed the
GACC (General Aviation Circulation Control) model with the purpose of testing periodic
blowing on a circulation control airfoil [71]. The 2D wind-tunnel model was equipped
with a high-speed solenoid-actuated valve system to obtain high frequency pulsed blowing
(200Hz). To minimize decay of the frequency response and avoid three-dimensional effects,
the valves were located inside the model, in proximity to the exit slot. The resulting jet
was blown tangentially over a circular trailing edge, which had a radius of 2% of the airfoil
chord. Both experimental and numerical analyses showed that a 35Hz unsteady actuation
can reduce the jet mass flow by 50%, with respect to steady blowing. Various duty cycles
were also investigated, showing that the lift benefit increases at low duty cycles. Later, the
lift performance of the GACC model was compared to the dual radius circulation control
wing, which is a simple-hinged Coanda flap configuration [69]. In both cases pulsed blowing
led to a 50% decrease of mass flow requirements in high-lift configuration. However, the
circular trailing edge of the GACC airfoil needed more jet entrainment to achieve the same
flow deflection. In cruise condition, the retracted flap did not require blowing, whereas the
circular trailing edge needed blowing from both the upper and the lower side to create a
“virtual” sharp trailing edge. Pulsed blowing for drag reduction in cruise condition led to
a 55-60% mass flow reduction, with respect to constant blowing. The response of the dual
radius circulation control wing to pulsed blowing was computed by Liu [92, 93]. The best
lift performance was achieved at a forcing frequency of 400Hz and a duty cycle of 50%, but
for the same average Cµ constant blowing was generating more lift.
Unsteady blowing from the shoulder of a leading-edge flap of a Coanda flap airfoil was
tested by Melton et al. in 2005 [105]. Sinusoidal actuation was employed at both the
rigid droop nose and the trailing-edge Coanda flap of a circulation-control airfoil. An
important finding of the study was the effectiveness of amplitude modulation for unsteady
flow excitation. The momentum coefficient required to reach a certain lift was reduced
by 50% when amplitude modulation was activated. A comprehensive review of the work
carried out at NASA Langley on steady and unsteady flow control for high-lift applications
until 2002 can be found in Ref. [62].
Other experiments were carried out by Petz and Nitsche on a NACA 4412 airfoil with
a single slotted NACA 4415 flap [129]. A pulsed jet was blown from a thin slit located at
3.5% of the flap chord, on its upper surface. Several forcing amplitudes and frequencies
were tested at different flap deflection angles. Surprisingly, only little effects were observed
17
1 Introduction
on lift or drag in the range of the investigated blowing momentum and frequency (i.e.
1.8 · 10−5 < Cµ > 7 · 10−4 and 0.5 < F+ < 2). The flap deflection angle, on the other
hand, had a large effect on the actuation. Until a deflection of 30◦, the flow was naturally
attached and no significant effect was caused by the blowing jet. Between 30◦ and 45◦ the
actuation yielded up to 12% of lift improvement, but for higher flap deflection angles the
effect of the forcing signal was no longer observed. Under these conditions, the enhanced
mixing with the potential flow above the boundary layer was no longer effective, since the
momentum added to the boundary layer was not sufficient to overcome the adverse pressure
gradient over the flap.
An active Fowler flap configuration was also tested by Khodadoust and Shmilovich, both
numerically and experimentally [78]. The 40◦ flap was equipped with a slot located on its
upper side, blowing at an angle of 20◦ with respect to the flap surface. Flow separation
from the flap could be reduced by a pulsed zero-mass-flow actuation that enhanced mixing
with the high-momentum fluid passing through the gap. The experimental validation of
numerical results showed good agreement within the linear range of the lift curve but
inaccuracy at near-stall conditions. A similar problem was observed by Shmilovic and
Yadlin, when testing a pulsed blowing actuation on a 40◦ simple-hinged flap [172]. In
this case, the large recirculation area occurring downstream of the unactuated flap was
manipulated by a number of suction/blowing slots distributed along the flap surface. The
resulting excitation of the vortical structure caused an almost complete reattachment of
the flow, increasing lift and reducing drag. Also in this case, the numerical solutions were
affected by inaccuracies at angles of attack close to stall conditions, whereas the comparison
showed good agreement for lower angles.
A joint research effort was undertaken in 2004 by DLR and the Institutes of Technology
in Berlin, Braunschweig and Stuttgart with the foundation of the German Flow Control
Network [205]. Experimental investigations were carried out on the effects of active flow
separation control studying the lift performances of the two-dimensional DLR-F15 airfoil
model equipped with a single-gap Fowler flap. Most of the tests were conducted at M = 0.15
and Re = 2.0 · 106 in the DNW-NWB atmospheric low-speed wind tunnel. Pulsed-jet
actuation was applied both at the main element, to delay leading-edge separation, and at
the flap upper surface, to improve flow attachment on the flap. The leading-edge device
was developed at TU-Braunschweig [161, 162, 163], and yielded a stall delay of 5◦ (with
the Fowler flap deflected by 45◦ without actuation), whereas the flap actuation system,
designed at TU-Berlin [129, 5], led to a lift increase of ∼ 10%.
The same configuration was recently tested in the ETW cryogenic transonic wind tunnel,
where Reynolds number up to Re = 7.0 · 106 could be achieved [55]. Thanks to pulsed
jet actuation, the lift coefficients were increased up to ∆CL ≈ +0.7. The lift gain was
found essentially dependent on the momentum coefficient, as higher excitation momentum
resulted in higher lift. Also, the momentum coefficient affects the optimal range of actuation
frequency, causing variations. Based on these results, the optimal frequency range was
between 75Hz and 200Hz.
Unsteady blowing on a slotted flap was recently investigated by Ciobaca et al. [24,
26]. The pulsed actuation was realized by a thin jet blown from the flap shoulder with an
angle of 45◦ over the upper surface of the flap. The Menter-SST turbulence model was
used to investigate the effect of different actuation signals on the lift performance. The
signal amplitude was directly affecting the lift, whereas the frequency had a lower impact
on the performance, within the tested frequency range. As a result, the lift coefficient was
improved up to 20% within the linear range of the lift curve and by 5% at maximum lift
conditions. The URANS simulations were able to predict lift with an error of about 3%
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for the actuated case and 1% for the baseline, in comparison to the experiments. This
configuration was then integrated into a half-span wing-body aircraft configuration. Both
experimental and numerical studies were conducted on the model, proving the efficiency of
the system also under operative conditions. SST numerical simulations were able to predict
the main flow features considerably well, showing good agreement with the experimental
trends. Difficulties were encountered when generating the squared actuation signal during
the wind tunnel experiments. This was identified as the main source of discrepancy between
experimental and numerical results. A comprehensive overview of the work carried out by
DLR until 2013 on active flow control was published by Ciobaca and Wild [25].
1.3.6 System Efficiency Requirements
Since the birth of the boundary-layer theory, engineers have been trying to control the
boundary-layer behavior for different purposes. As described in the overview on flow con-
trol research presented in the previous sections, several techniques have been developed
and the related technology has been substantially improved, along with the physical un-
derstanding of the flow phenomena. However, boundary layer control never fulfilled the
high expectations of the 1960s. This is mostly due to the low efficiency of the flow con-
trol systems, which require excessive additional power in order to provide meaningful lift
enhancements (see e.g. [2]). Nevertheless, research on active flow control for the preven-
tion of separation or transition continues to date. In the last decades, new analysis and
design tools have become available thanks to the increase of computer storage capacity and
speed. This, in combination with the new requirements of civil aviation mentioned above,
has been leading to new initiatives in several fields of aerodynamic research. Among them,
great progress has been achieved in active flow control technologies, yielding improved
aerodynamic performance and reduced power requirement.
Acceptable values of Cµ can be determined based on the increase of engine weight caused
by the active flow control, considering the engine as a viable solution to provide compressed
air to the active high-lift system. The overall effects of an active high-lift system on the
aircraft weight, and finally on the runway requirements, was investigated by Montanya and
Marshall [109]. Approaches to estimate the takeoff and landing runway lengths were also
presented in Ref. [8, 4, 196], showing that active circulation control is a viable solution to
reduce runway length requirements. Recently, the preliminary design software PrADO was
employed within the framework of the Collaborative Research Center SFB 880 in Braun-
schweig, Germany, to investigate the effects of active high-lift systems on the overall aircraft
design and performance [142, 200]. Once the engine size was identified at takeoff conditions
for the one-engine-out case, the software PrADO determined the corresponding optimal
flap deflection angle and blowing rate. In table 1.2, results of these studies are reported,
showing realistic aircraft weight growth for an advance turboprop aircraft. Two ways of
generating compressed air for the high-lift system were considered: (a) bleeding air from
the low-pressure compressor of the main engine core, and (b) dedicated electric compressors
located inside the wing. The first solution affects directly the engine thermodynamic cycle,
resulting in an engine growth of about 17%. In addition to this value, the piping needed
to lead air to the active flaps brings the total weight increase to 37% of one engine weight.
The solution based on electric compressors yields a better engine cycle, thus reducing the
engine growth. However, the mass of the batteries and the additional compressor system
causes an overall weight increase of 40%. An important outcome of the studies of Radespiel
and Werner-Spatz [142, 200] was that substantial reductions of runway length requirements
can be only achieved if a significant increase of maximum lift coefficient is accompanied by
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Table 1.2: Overall weight increase due to active high-lift systems of a M = 0.74 turboprop
reference aircraft, for one-engine-out takeoff conditions with Cµ ≈ 0.025.
Configuration Takeoff Passengers Engine mass + Pipes
length [m] electric compressors,
generators [kg]
Turboprop, 1100 100 1256+0
Conventional
high-lift, [142]
Turboprop, 800 100 1467+259
Coanda flap,
bleed air, [142]
Turboprop, 800 100 1283+472
Coanda flap,
electric compressors
a moderate increase of the installed engine thrust.
Another full integration study of active flow control technology into a transport aircraft
was conducted by McLean et al. in 1999 [103]. Among the numerous possible applications
of flow control on the aircraft, high-lift systems were identified as the most promising
in terms of potential benefits. The study team relied on active separation control to only
match the performance of a conventional multi-element high-lift system. The major benefits
led by flow control would therefore come from reductions of weight, complexity, and cost
of the system. The benefit assessment showed potential reductions of 0.66% in airplane
manufacturing cost, up to a 2.8% in weight, and about 3.1% in cruise drag, where 1% of
the cruise drag reduction was attributable to the elimination of the large, external flap
hinges and actuators. The system study also pointed out the lack of data available on the
effectiveness of gap-less leading-edge device combined with active flow control.
The efficiency of an active high-lift device can be expressed in terms of “lift gain factor”,
which is defined as the ratio between the increase in lift-coefficient due to the active circu-
lation control system and the jet momentum coefficient required to obtain that gain. The
status of published lift gain factors was recently reviewed by Radespiel, Ref. [143]. The
lift gain factor was first introduced by Poisson-Quinton and Lepage to describe the loss of
efficiency that occurs for some configurations at high blowing (the condition also known
as supercirculation regime) [134]. Later, in 1962, a lift gain factor of 10 at Re = 0.8 · 106
was measured by Thomas [190]. This limited efficiency was mostly caused by the use of a
very thick jet. Even lower lift gain factors were obtained in the same year by Gersten and
Lo¨hr with a leading-edge blowing configuration [46]. In 1984, however, Englar proved that
larger gains were possible with a blown 23% chord high-lift flap. Recently, in 2007, the
impact on the lift gain factor of blowing slot height, flap angle and Coanda contour, along
with the blowing rate, were quantified by Radespiel [143]. Based on this experience, Jensch
obtained lift gain factors around 60 with a steady Coanda jet configuration, at a maximum
lift coefficient of 4 [67]. However, the lift gain factor decreased rapidly with higher lift
coefficients. In the present work, the lift gain factor is employed to evaluate the effects of
the different designs on the airfoil efficiency.
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Approach
2.1 The Coanda Flap Configuration
2.1.1 Flow Physics
The Coanda effect can be seen as a particular application of the capability of a flow to
follow a convex surface while facing an adverse pressure gradient [116]. This effect lasts
until boundary layer separation occurs and it is enhanced by the flow momentum. The
term “Coanda effect” is typically employed when a stream of accelerated flow is directed
tangentially over a convex surface and entrains the surrounding slower flow along the wall.
In the present case, a thin air jet is tangentially blown over the shoulder of a 65◦ flap to delay
or completely avoid boundary-layer separation. According to Poisson-Quinton and Lepage
[134], a suitable quantity to characterize the jet in relation to its effects on the surrounding
flow is the jet momentum, typically expressed in terms of momentum coefficient. The
momentum coefficient is defined as the ratio between the thrust force produced by the jet
and the freestream dynamic pressure multiplied by a reference area.
Cµ =
Fj
q∞Sref
=
Ujm˙j + (pj − pa)Aj
1
2
ρ∞U2∞Sref
(2.1)
where pa is the local static pressure outside the blowing nozzle. For subsonic jets, the
blowing air is expanded to pa within the nozzle, and the pressure term of the jet thrust is
equal to zero. However, if the ratio between the external pressure and the plenum pressure
falls below the Laval pressure ratio of 0.528, the convergent nozzle chokes and limits the
exit Mach number to Mj = 1. Under these conditions, the jet static pressure is higher
than the external one, and the pressure term of the jet thrust assumes positive values.
For the nozzle geometry employed in the present work, such compressibility effects become
significant from Cµ ≈ 0.05.
Figure 2.1 illustrates the operating principle of the Coanda jet. The trajectory and
thickness of the tangentially-blown jet is determined by two counteracting effects. On the
lower side, the high-momentum stream follows the convex surface of the flap thanks to a
thin boundary layer (Coanda effect). On the upper side, the jet momentum is diffused by
turbulent mixing into the outer flow, which is therefore accelerated along the direction of
the jet (flow entrainment). In particular, the mixing between the two streams is strongly
affected by the wake of the nozzle lip. Such a low-momentum region is generated by the
thick boundary layer developed along the suction side of the main part of the airfoil and
depends on the angle of attack and the leading edge configuration. In this scenario, the
flow topology over the Coanda flap is determined by three co-dependent factors:
• Jet momentum coefficient. A high jet momentum enhances both the attachment
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Figure 2.1: Operating principle of a Coanda flap.
of the Coanda jet to the flap surface and the mixing with the outer flow. The
interaction between these two effects is discussed in the following sections, along
with the influence of the leading-edge configuration and the angle of attack.
• Leading-edge configuration. The characteristics of the flow that is mixed with the
Coanda jet are essential for the operation of the active high-lift system. In particular,
the momentum losses within the boundary layer upstream of the blowing slot have
a strong detrimental effect on the efficiency of the system. These are primarily
determined by the behavior of the flow at the leading edge.
• Angle of attack. The angle of attack has a double effect. At the leading edge, the
circulation determines the stagnation point location, which affects the flow around
the leading edge and consequently the boundary layer upstream of the blowing slot.
Further downstream, the angle of attack determines the pressure gradient along the
Coanda flap.
Figure 2.2 illustrates the flow evolution above the Coanda flap for two angles of attack at
Cµ = 0.0245, which is not sufficient to completely avoid flow separation from the flap. The
interaction of the three factors mentioned above is visible in the different flow topologies
above the flap. Velocity profiles show the structure of the flow at four different location
along the flap, which are referred to as BL1, 2, 3 and 4. At high angles of attack, figure
2.2b, the viscous losses at the leading edge and the pressure gradient in streamwise direction
degrade the momentum of the flow that reaches the blowing slot and is mixed with the jet,
as shown by the velocity profiles at BL1. This causes also a slightly lower jet velocity
with respect to the flow at lower angles of attack. At BL2, the outer flow and the jet are
partially mixed, but the high velocity of the jet is still visible in the near-wall region for
both angles of attack. A large momentum deficit can be observed at α = 18.0◦ around
h/c = 0.01. Note that this distance from the wall is much larger than the jet thickness,
which suggests that the lower region of the boundary layer developed along the main wing
is accelerated by the Coanda jet and a momentum deficit remains in the upper region of
the boundary layer. This area of low kinetic energy cannot overcome the adverse pressure
gradient along the flap and evolves in a separation between the lower and the upper region
of the mixing layer, as shown by the profiles in BL3 and BL4 and in figure 2.2b. In the
case of α = 0.0◦, the flow at BL2 does not present such a large momentum deficit thanks
to the thinner boundary layer of the outer flow. As a consequence, the reverse flow appears
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(a) α = 0.0◦ (b) α = 18.0◦
(c) BL1 (d) BL2
(e) BL3 (f) BL4
Figure 2.2: Evolution of the interaction between the Coanda jet and the outer flow at high
angles of attack for low blowing rates, Cµ = 0.0245, Re = 12 · 106, M = 0.15.
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(a) DLR F15 airfoil, modified with the 65◦
active Coanda flap
(b) Close up of the blowing slot
Figure 2.3: DLR-F15 transonic airfoil equipped with an internally-blown Coanda flap:
baseline of the present work.
between the jet and the wall, causing the typical flow separation topology shown in figure
2.2a. A higher jet momentum coefficient would enhance the momentum transfer to the
outer flow and delay these phenomena or prevent them entirely.
2.1.2 Coanda-Flap Design
Previous Work
The present Coanda flap configuration is the result of previous numerical and experimental
work that aimed at improving the device efficiency by careful design adjustments of the
trailing edge configuration while keeping the leading-edge geometry fixed [67, 66, 132].
The free flow conditions employed during these previous analyses were Re = 20 · 106 and
M = 0.15. From the study, it emerged that the blowing slot height, the jet momentum
and the flap deflection angle are the most important design parameters [66]. Required
jet momentum and flap deflection angle increase for an increased target lift; whereas the
optimal slot height should be determined based on considerations about the power source of
the flow-control system, as discussed in the next section. Another important parameter is
the flap length, which should be chosen between 25% and 30% of the airfoil chord [67]. The
study also proved that the curvature of the flap suction side, used as Coanda surface, has
modest effect on the system efficiency. Curvature radii about 0.07 times the chord length
are reasonable design choices. The upper and lower boundaries of the blowing slot were
designed parallel to each other, at the exit section, and a contraction rate of 15 was given to
the internal duct shape in order to obtain a realistic velocity profile. The transonic airfoil
DLR-F15 equipped with the Coanda flap resulting from these design choices and a 65◦
flap deflection angle is illustrated in figure 2.3. The highest lift gain factor (lift gain over
blowing momentum) is typically obtained by adapting the blowing momentum coefficient
to the flap deflection angle, in order to achieve the minimum momentum that provides
attached flow until the trailing edge. For the configuration tested by Jensch in [67] and
[66], the optimal jet momentum coefficients were 0.025 and 0.078, for flap deflection angles
of 50◦ and 80◦ respectively. With the flap set at 50◦ and a lift coefficient around 4, a lift
gain factor of 66 was obtained, which was reduced to 48 for a flap deflection of 80◦ and a
lift coefficient of 6. Another meaningful parameter to characterize the level of actuation of
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the Coanda flap is the velocity ratio between the jet and the freestream flow, which in these
cases were ∼ 4.4 for Cµ = 0.025 and ∼ 6 for Cµ = 0.078. During the preliminary design
studies, it was also noticed that the angle of attack of maximum lift drops significantly at
higher blowing rates, as shown in figure 2.4. This is due to the rapid growth of the suction
peak at the leading edge and the adverse pressure gradient along the suction side of the
airfoil with the angle of attack. The resulting thick boundary layer upstream of the blowing
slot creates a large momentum deficit in the flow mixing region above the Coanda surface,
which is detrimental to the efficiency of the system. Manipulating the flow at the leading
edge by means of additional blowing devices succeeded in delaying the angle of maximum
lift, but it decreased the lift gain factor because of the higher overall blowing momentum
requirements, as briefly described in section 1.3.4.
Figure 2.4: Effect of the jet momentum on the angle of maximum lift for the DLR F15
airfoil with 65◦ flap angle, computed for Re = 12 · 106, M = 0.15.
Effects of the Slot Height
During the present work, new effort was undertaken to adapt the Coanda-flap configuration
to a possible future integration into an aircraft system structure. For this purpose, the on-
board supply of compressed air is a primary issue and the adopted solution also affects
the design of the Coanda flap. One possibility is to spill air from the low-pressure engine
compressor, which would however cause a reduction of the engine thrust. In this case, it
would be appropriate to design the active high-lift system aiming at minimizing the Coanda
jet-momentum requirement, as the jet momentum coefficient would directly represent the
reduction in engine thrust. On the other hand, if the compressed air is obtained by other
means, e.g. a dedicated compressor, the power of the Coanda jet may be a more meaningful
design driver. To estimate the impact of this choice on the flap design, different slot
heights are tested here by tuning the plenum total pressure in order to obtain CLmax = 5.0
(see figure 2.5). The resulting jet requirements were then computed with the following
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(a) hs = 0.25hsref (b) hs = hsref = 0.06% c (c) hs = 3.0hsref
Figure 2.5: Some of the tested blowing nozzles with different slot heights.
expressions:
Cµ =
Fj
q∞Sref
=
Ujm˙j + (pj − pa)Aj
1
2
ρ∞U2∞Sref
CPower =
Ejm˙j + pjUjAj − (Eam˙a + paUaAa)
1
2
ρ∞U3∞Sref
(2.2)
where E = cvT +
U2
2
. The power computation is based on the conservation of total energy
and mass flow rate for a virtual control volume in which the flow above the blowing slot
represents the inflow pressure and the jet represents the outflow condition. Therefore, the
inlet density and temperature are computed considering an isentropic compression from
the external stagnation pressure, pat , to the jet stagnation properties, pjt and ρjt . Aa
represents the inlet area of the virtual volume and is obtained by imposing conservation of
the mass flow m˙j:
ρat,iso =
(pat ργjt
pjt
)1/γ
ρaiso = ρat,iso
(
1 +
γ − 1
2
M2a
) 1
1−γ
Taiso =
pa
ρaisoR
Ea = cvTaiso +
U2a
2
Aa =
m˙j
Ua ρaiso
(2.3)
Figure 2.6 shows the effects of different slot heights on stall angle of attack and jet
requirements. As reference slot height, the one identified by Jensch [66] was employed,
hsref/c = 0.0006. CLmax = 5.0 was obtained at higher angles with thinner jets and the
required momentum coefficient rises linearly with the slot height, confirming that a thinner
jet is more effective. On the other hand, a thinner jet requires higher velocity, which
increases drastically the jet power. These results prove the importance of defining the
correct design driver at the beginning of the geometry optimization. The present work was
based on the slot height found in Ref. [66], as it is a good compromise between the two
approaches.
2.2 Numerical Modeling
2.2.1 Governing Equations
All continuum fluid motions can be described by the general integral form of the Navier-
Stokes equations. The integral system of equation is derived from the conservation principles
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(a) Stall angle of attack (b) Blowing requirements
Figure 2.6: Effects of the blowing-slot height on the stall angle of attack and the blowing
requirements to obtain CLmax = 5.0, for δ = 65
◦, Re = 12 · 106, M = 0.15.
of mass, momentum and total energy within an arbitrary finite region in space, referred
to as control volume V limited by the surface S. The conserved quantities are here the
unknowns of the problem, represented by the vector ~W . A macroscopic description of
the dynamic and thermodynamic behavior of the gas is adopted, meaning that all the
scale lengths characteristic of the flow are large with respect to the mean free path of the
molecules constitutive of the gas. It is also assumed that 1) the gas consists of only one
species (atomic or molecular) or possibly of several species, given that these species are
chemically inert and that the thermodynamic state of gas is at equilibrium and can be
described using only one temperature, and 2) the density of the fluid is sufficiently low so
that the effects of gravity can be neglected. Based on these assumptions, the conservation
principles can be written as
∂
∂t
∫
V
~W dV +
∮
S
F · ~ndS = 0 (2.4)
where ~n is the outward-pointing unit normal vector and F represents the density of fluxes
through the volume boundary S. According to the conservation principles, the conservative
variables, per unit volume, are the density ρ, the momentum ρ~U = ρ[u, v, w]T , and the total
energy ρE:
~W =
 ρρ~U
ρE
 (2.5)
The flux density can be considered as composed of two parts, the convective transport Fc,
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and the viscous diffusion and dissipation Fv :
F = Fc − Fv with Fc =
 ρ~Uρ~U ~UT + Ip
ρH~U
 and Fv =
 0τ
τ ~U + ~q
 (2.6)
The total energy equation has been written in terms of total enthalpy H = E+p/ρ, viscous
stresses τ and heat flux ~q. The equation system, however, involves quantities that are not
known a priori, and need to be expressed as functions of the conservative variables. This
additional set of information is commonly referred to as the “problem closure”, and requires
assumptions based on the nature of the fluid and its dynamic behavior. The present work
employed standard air as working fluid, thus defining the problem closure based on the
following assumptions:
• The thermodynamic characteristics of the fluid are deduced by the calorically perfect
gas model, leading to the relations p = p(ρ, ~U,E) and ~q = ~q(T ). For this purpose,
the equation of state p = ρRT is written considering the thermodynamic relations
e = cvT and E = e+
|~U|2
2
, where e is the specific internal energy and cv is the specific
heat coefficient at constant volume. Now, thanks to the definition of adiabatic index
γ =
cp
cv
and specific gas constant R = (cp − cv), it is possible to obtain the required
expression
p = ρ
(
γ − 1)(E − |~U |2
2
)
. (2.7)
The heat flux is described by Fourier’s law for heat conduction ~q = −k~∇T . The
thermal conductivity can be expressed through the Prandtl number (Pr=0.72 for
air), k =
µCp
Pr
, leading to
~q = −
µR γ
γ−1
Pr
~∇T. (2.8)
In case of perfect gas, the coefficient of dynamic viscosity µ can be considered de-
pendent only on the temperature, since the effects of the pressure are negligible. For
air this dependency is given by Sutherland’s law
µ
µ∞
=
(
T
T∞
) 3
2 T∞ + 110.4
T + 110.4
(2.9)
valid for temperatures within the range from 170K to 1900K.
• The fluid mechanical behavior of the gas defines the expression for the viscous stress
tensor τ . For a Newtonian fluid such as air, the dynamic viscosity describes the linear
proportionality between the stress tensor and the strain rate [180]. The viscous stress
tensor can thus be written as
τ = µ
(
~∇~UT + (~∇~UT )T)+ (β − 2
3
µ
)
I
(
~∇ · ~U) (2.10)
where β is the bulk viscosity.
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2.2.2 Reynolds-Averaged Navier Stokes Equations
The direct solution of the Navier-Stokes equation system (2.4) yields to an exact represen-
tation of the motion of any fluid fulfilling the initial assumptions, as the system resolves
every spatial and temporal scale without involving physical modeling. This approach is
referred to as Direct Numerical Simulation, DNS. However, the required amount of stor-
age and computational resources is beyond the capabilities of current calculators, for most
practical applications at full-scale Reynolds numbers. A first simplification is introduced
with the Large Eddy Simulation approach, LES, which is based on filtering the smallest
scales in order to reduce the required spatial and temporal resolution. As a result, the large
turbulent structures are resolved, whereas the smallest are modeled. This technique is
rooted in the Kolmogorov theory, which categorizes the turbulent structures based on their
dimension and dynamic behavior. The large scales carry most of the fluid kinetic energy
and their dimensions and dynamics are strictly related to the problem in question. These
large eddies receive energy from the velocity gradient of the mean flow and are anisotropic.
The kinetic energy is then transferred to smaller and smaller structures in a cascade pro-
cess. The smallest scales, called Kolmogorov scales, are responsible for the dissipation of
the turbulent kinetic energy into heat and they are assumed isotropic and only dependent
on the Reynolds number. These properties make the Kolmogorov scales important for the
energy balance of the flow, but also relatively easy to model. However, although the LES
approach is significantly less costly than the DNS, the required computational effort is still
considerably high. A further simplification consists in entirely modeling the effects of tur-
bulence. This is achieved by an average procedure that separates the flow into a mean
flow and turbulent fluctuations. This approach is known as Reynolds-Averaged Navier
Stokes [146], RANS, and allows to treat turbulence separately from the mean flow. There-
fore, the conservation principles that define the Navier-Stokes equations are only applied
to the mean-flow quantities reducing drastically the computational requirements. Hybrid
LES/RANS methods are becoming popular, as they combine the higher accuracy of the
LES approach for highly separated flows with the more affordable RANS approach used
in boundary layers and shear layers. The coupling between the two techniques, however,
still raises practical issues and makes the numerical set-up quite dependent on the specific
simulated flow. For these reasons, the present work is performed solving the RANS and
URANS (unsteady-RANS) equations, whose derivation is briefly described in the following
paragraphs.
According to the decomposition proposed by Reynolds in 1883 [146], the flow field φ(x, t)
is decomposed into a time-averaged mean φ and the relative fluctuations φ′.
φ = φ+ φ′ , with φ =
1
∆t
t+∆t∫
t
φdt and φ′ = 0. (2.11)
For compressible flows it is useful to introduce a density-weighted mean. This technique
was proposed by Reynolds and extended to compressible flows by Favre [44].
φ = φ˜+ φ′′ , with φ˜ =
ρφ
ρ
and φ˜′′ = 0. (2.12)
Both average techniques are used to obtain the Navier Stokes equation system in the form
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solved by TAU for the mean-flow field:
ρ = ρ+ ρ′, ρ′ = 0
p = p+ p′, p′ = 0
T = T˜ + T ′′, ρT ′′ = 0
ui = u˜i + u
′′
i , ρu
′′
i = 0
E = E˜ + E′′, ρE′′ = 0
(2.13)
where the subscript i represents here the three spatial coordinate directions.
The velocity products in the convective terms of the momentum and energy equations
are solved as
uiuj = u˜iu˜j + u′′i u
′′
j (2.14)
where the non-linearity causes the fluctuation terms to remain in the averaged formulation
as u′′i u
′′
j 6= 0, describing the statistical effect of the turbulence on the mean flow. For the
present formulation, the fluctuation terms due to the convective fluxes will be included in
the viscous fluxes. The resulting system is
∂
∂t
∫
V
~W dV +
∮
S
F · ~ndS = 0 (2.15)
known as the Reynolds-Averaged Navier-Stokes equation system. The unknowns vector
and the fluxes are now
~W =
 ρρ~˜U
ρE˜
 F = Fc − Fv (2.16)
with
Fc =
 ρ
~˜U
ρ~˜U ~˜UT + Ip
ρH˜ ~˜U
 (2.17)
and
Fv =

0
τ − ρ~U ′′ ~U ′′T
τ ~˜U + τ ~U ′′ − ρh′′ ~U ′′ − ρ
(
~˜UT ~U ′′
)
~U ′′ − 1
2
ρ~U ′′T ~U ′′ ~U ′′ + ~˜q
 (2.18)
The new equation system is formally similar to the Navier-Stokes equation (2.4), with
the exception of additional terms containing fluctuating quantities:
• ρ~U ′′ ~U ′′T is the Reynolds stress tensor, which represents the propagation of momen-
tum operated by the turbulent fluctuations;
• ρh′′ ~U ′′ represents the turbulent heat transport;
• τ ~U ′′ − 1
2
ρ~U ′′T ~U ′′ ~U ′′ describes the turbulent diffusion and dissipation into heat.
Computing fluctuating components of the flow field requires additional information, or
equations. This problem can be addressed either by directly computing the Reynolds stress
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tensor or by modeling its effects on the mean flow. The first approach involves seven ad-
ditional equations and rises considerably the computational cost. Modeling the turbulence
effects, on the other hand, represents a considerable simplification, as it relies on strong
assumptions that can limit the applicability of the specific model or parameter calibration.
Differences between these two approaches in terms of computational effort, stability, and
final results are briefly discussed at the end of this section, for the application investigated
during this work.
Modeling the effects of turbulent fluctuations requires a relation between the mean-flow
quantities and the Reynolds-stress tensor. Even before Reynolds illustrated the connection
between turbulent stresses and velocity fluctuations, Boussinesq introduced a turbulent
isotropic viscosity, µ(t), (also referred to as eddy viscosity). Similarly to the molecular
viscosity µ, this scalar quantity represents the linear proportionality between the turbulent
stress tensor and the strain rate of the mean flow. The turbulent stresses can thus be
defined as functions of the mean flow:
τ (t) = ρ~U ′′ ~U ′′T = µ(t)
(
~∇ ~˜UT + (~∇ ~˜UT )T − 2
3
I
(
~∇ · ~˜U))− 2
3
Iρk˜. (2.19)
The prediction of physical flow phenomena such as boundary layer separation, wall fric-
tion or shock-boundary layer interactions, strongly depends on the choice of the turbulence
model [202]. Most of first-order models rely on the assumption of local equilibrium to di-
rectly specify the turbulent viscosity in terms of known quantities of the mean flow. Among
these, the algebraic models are robust and cheap, but their fundamental assumptions limit
the physical complexity of the flows that can be adequately simulated. Two-equation mod-
els are independent of an algebraic length scale and take into account history effects through
transport equations. A considerable number of two-equation models have been proposed
in the literature and they have provided reasonably accurate results for a large variety of
flows. However, this kind of models needs corrections in case of complex turbulent flows
because they do not naturally account for streamline curvature and rotation, and they can-
not describe the anisotropy of turbulence. Some modifications are also needed to predict
adverse pressure gradient flows. To overcome some of these drawbacks Menter proposed the
Shear Stress Transport (SST) correction for the k−ω model, which is tested in the present
work. However, stiff source terms and complex boundary or freestream conditions restrict
their general applicability. One-equation models seem to be a good compromise between
the algebraic and two-equation models. In particular, the Spalart-Allmaras (SA) model,
which solves a transport equation for the turbulent viscosity, provides fairly accurate results
for a large range of flow topologies and has good numerical properties. The SA model with
curvature and rotation correction, SARC, is the model generally employed in the present
work.
The additional transport equations required to close the RANS problem can be specified
in the form
d
dt
∫
V
~W (t)dV +
∮
S
~F
(t)
c · ~ndS −
∮
S
~F
(t)
v · ~ndS =
∫
V
Q(t)dV (2.20)
where ~W (t) is the vector of the turbulence variables. In particular, considering the trans-
ported quantities e1 . . . en, the terms of the (2.20) are
• the vector of the turbulent variables e1 . . . en:
~W
(t)
(e1...en)
= [e1 . . . en]
T (2.21)
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• the convective flux:
∮
S
~F
(t)
c(e1...en)
· ~ndS =
∮
S

e1
...
en
 ~U · ~ndS (2.22)
• the viscous flux:
∮
S
~F
(t)
v(e1...en)
· ~ndS =
∮
S

(
µ+
µ(t)
σe1
)
~∇e1
...(
µ+
µ(t)
σen
)
~∇en

· ~ndS (2.23)
where σe1 . . . σen are generally constant parameters, except in some models of the
layer type, as Menter, where field functions are used instead.
The source term
∫
V Q
(t)dV has a specific expression which depends on the model consid-
ered.
Spalart-Allmaras One-Equation Turbulence Model
The Spalart-Allmaras model is based on a single transport equation for the kinematic vis-
cosity transform ν˜ which, far from the walls, merges with ν(t) = µ(t)/ρ [178]. The principle
is to relate the turbulence production to the mean flow vorticity. The equation for ν˜ results
from a step by step construction by addition of terms intended for taking into account more
and more physical effects. On the basis of a “convection = production + diffusion” form,
the Spalart-Allmaras model adds the terms necessary to obtain a logarithmic zone in the
boundary-layer velocity profile. The model was then calibrated using typical test cases,
such as 2D-mixing-layers, wakes, and flat-plate boundary layers.
The Spalart-Allmaras transport equation is composed of the following terms, according
to the form (2.20):
• the vector of the turbulent variable:
~W
(t)
(ν˜)
= ρν˜ (2.24)
• the convective flux: ∮
S
~F
(t)
c(ν˜) · ~ndS =
∮
S
ρν˜ ~U · ~ndS (2.25)
• the viscous flux: ∮
S
~F
(t)
v(ν˜) · ~ndS =
∮
S
1
σν˜
(µ+ ρν˜)~∇ν˜ · ~ndS (2.26)
• the source term:∫
V
~Q
(t)
(ν˜)
dV =∫
V
(
Cb1(1− ft2)S˜ρν˜ +
Cb2
σ
~∇(ρν˜) · ~∇ν˜ −
(
CW1fω − Cb1
k2
ft2
)
ρ
ν˜2
η2
)
dV
(2.27)
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with:
S˜ = |~ω|+ ν˜
k2η2
fv2 ; fv2 = 1− χ
1 + χfv1
; χ =
ρν˜
µ
fW = g
(
1 + C6W3
g6 + C6W3
)1/6
; g = r + CW2(r
6 − r) ; r = ν˜
S˜k2η2
ft2 = CT3 exp(−Ct4χ2)
(2.28)
in which η is the wall distance and the constants take the values
Cb1 = 0.1355 σ = 2/3 CW3 = 2 CT3 = 1.2
Cb2 = 0.622 k = 0.41 Cv1 = 7.1 Ct4 = 0.5
CW1 = Cb1/k
2 + (1 + Cb2)/σ CW2 = 0.3
Finally the eddy viscosity is evaluated with the following relations:
µ(t) = ρν˜fv1 ; fv1 =
χ3
χ3 + C3v1
; χ =
ρν˜
µ
(2.29)
Curvature Correction The Boussinesq relation between turbulent stresses and
mean flow strain rate does not take into account effects of streamline curvature and system
rotation. In order to improve the behavior of the Spalart-Allmaras turbulence model under
these conditions, Spalart and Shur proposed a modification of the production term of the
eddy-viscosity transport equation [179, 174]. The correction is controlled by the ratio of
the magnitude of the strain rate tensor and the magnitude of vorticity, r∗ = S˜|~ω| . In shear
layers the velocity distribution is dominated by the gradient in the normal direction, so that
r∗ ≈ 1; whereas in the core of a vortex the flow approaches pure rotation, implying that
r  1. Therefore, in the equation (2.27) the production term Cb1S˜ρν˜ becomes Cb1S˜ρν˜fr1,
with
fr1 = (1 + Cr1)
2r∗
1 + r∗
(
1− Cr3 tan−1(Cr2r˜)
)− Cr1 (2.30)
and
r˜ = 2ωikSjk
[
DSij
Dt
+ (εimnSjn + εjmnSin)Ω˜m
]
1
D4
; D =
√
1
2
(
|~S|2 + |~ω|2
)
(2.31)
where Ω˜m is the rotation velocity of the reference system. The resulting curvature correction
is named SARC (Spalart-Allmaras model for Rotation and Curvature effects). Test-case
analyses and comparisons of the SARC correction with DNS, RSM, and experimental data
can be found in [174].
Two-Equation Turbulence Model
Wilcox Model In k − ω models the transported quantities are the kinetic energy of
turbulence k and the specific rate of dissipation ω = /(β∗k) [202]. Where β∗ = 0.09 is a
constant and  is the isotropic rate of dissipation. The resulting unknown variables vector
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and source term, in the form of (2.20), are
~W
(t)
(kω)
= [ρk, ρω]T with
{
k : kinetic energy of turbulence
ω : specific rate of dissipation
(2.32)
and ∫
V
~Q
(t)
(kω)
dV =
∫
V

(
τ
(t)(~∇~UT ))−β∗ρkω(
γ
µ(t)
ρτ
(t)(~∇~UT ))−βρω2
 dV (2.33)
where the eddy viscosity is defined as
µ(t) =
ρk
ω
(2.34)
and the constants of the model are as follows:
β∗ = 0.09 σ∗ = 0.5 σe1 =
1
σ∗
γ =
β
β∗
− σ k
2
√
β∗
β = 0.075 σ = 0.5 σe2 =
1
σ
k = 0.41
Baseline Menter Model The main problem with the Wilcox k − ω model is its
sensitivity to the ω value at the edge of boundary layers and wakes. To avoid this problem,
Menter developed the BSL (Baseline) model in order to preserve the good behavior of the
Wilcox model in the near-wall area of boundary layers and to obtain an outer edge condition
insensitive to the ω∞ value. To do so, he replaced the Wilcox model in the outer region of
the boundary layers and in wakes with the k −  model from Launder and Sharma written
in terms of k − ω variables [106]. This requires the introduction of a blending function F1
between the models. Therefore, the source term of the model is written as
∫
V
~Q
(t)
(kω)
dV =
∫
V

(
τ
(t)(~∇~UT ))−β∗ρkω(
γ
µ(t)
ρτ
(t)(~∇~UT ))−βρω2 + 2ρσω
ω
~∇k · ~∇ω
 dV (2.35)
where the constants are obtained through a weighted average of the constants of each model,
using the blending function F1:
Cste = F1Cste1 + (1− F1)Cste2 (2.36)
with
σ∗1 = 0.5 σ1 = 0.5 β1 = 0.075 σω1 = 0
σ∗2 = 1.0 σ2 = 0.856 β2 = 0.0828 σω2 = 0.856
β∗ = 0.09 k∗ = 0.41 γ =
βi
β∗
− σi k
∗2
√
β∗
; i = 1, 2
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In particular the blending function F1 is defined as
F1 = tanh
(
ζ4
)
ζ = min
[
max
( √
k
0.09ωy
;
500ν
ωy2
)
;
4ρσω2k
Dkωy2
]
Dkω = max
(
ρσω2
ω
~∇k · ~∇ω ; 10−20
) (2.37)
SST Correction of the Menter Model The SST correction of Menter relies
on the observation that in two-transport-equation models based on the eddy viscosity the
ratio of the shear stress τ (t) to ρk is equal to the quantity a1
√
Pk/Dk (ratio of production
over dissipation of k, with a1 ≈ 0.31), whereas experimental measurements rather show
τ (t)/(ρk) ≈ a1 in a large part of the boundary layer. In the case of positive pressure gradi-
ent, the ratio Pk/Dk can be definitely larger than one, leading to over-estimate the shear
stress. To cure this inconsistency Menter proposed to limit the eddy viscosity coefficient
by using the function
µ(t) =
ρk
max
(
ω , rot(~U)F2/a1
) where a1 = √β∗
F2 = tanh
(
ι2
)
with ι = max
(
2
√
k
0.09ωy
,
500ν
y2ω
) (2.38)
The SST correction of the Menter model can, in theory, correct any model of the k−  type
that tends to underestimate the effect of adverse pressure gradient.
Curvature Correction The curvature correction employed for the two-equation
turbulence model was developed at the Dutch National Aerospace Laboratory (NLR). The
original work aimed at reducing the production of eddy viscosity in vortex cores [12]. For
this purpose two approaches were tested. One approach limited the production term of
turbulent kinetic energy, whereas the other approach increased the production of specific
turbulent dissipation rate. The second approach turned out to provide better results, so it
was adopted for the present study. As for the one-equation turbulence model, the curvature
sensor is based on r∗ = S˜|~ω| , which becomes lower than one when the vorticity is not
accompanied by sufficient rate of strain. Therefore, the production term in the ω-equation
is divided by min (r∗2, 1), which results in
∫
V
~Q(kω−corr)dV =
∫
V

(
τ
(t)(~∇~UT ))−β∗ρkω
γmax(S˜2, |~ω|2)− βρω2 + 2ρσω
ω
~∇k · ~∇ω
 dV (2.39)
Initial tests and calibration of the k − ω model with the NLR curvature correction can be
found in [12] and [31].
Reynolds Stress Turbulence Models
The Boussinesq hypothesis is based on the assumption that the main axes of the Reynolds
stress tensor and the strain-rate tensor are the aligned, and it exists a linear dependency
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between them. Although these assumptions provide acceptable accuracy in quite a broad
range of flows, there are cases where they are no longer valid, such as flows with sudden vari-
ations of the strain rate, high streamline curvature, rotating systems, or separated boundary
layers [202]. Reynolds stress models assure good accuracy also under these conditions, since
they are not based on the Boussinesq hypothesis and every τ
(t)
ij components is separately
computed. Also, this enables the RSM model to resolve turbulence anisotropy. Algebraic
Reynolds stress models compute the 6 components of the Reynolds stress tensor by means
of local quantities, assuming local equilibrium between production and dissipation of tur-
bulence. Approaches based on transport equations, on the other hand, are also able to
model turbulence convection. However, the number of equations rises considerably, making
this class of models numerically more expensive than the previous ones. The differential-
equation model RSM JHh-v2 tested here is based on the work of Jakirlic´ and Hanjalic´ [63]
and further calibrated by DLR and Technische Universita¨t Braunschweig [20]. The direct
computation of the ρu˜′′i u
′′
j is also referred to as second moment closure of the Navier Stokes
equations. The resulting transport equations are
d
dt
∫
V
ρu˜′′i u
′′
j dV +
∮
S
ρu˜′′i u
′′
j
~U · ~ndS =∫
V
(
ρPij + ρΠij − ρij + ρDvij + ρDtij + ρMij
) · dV (2.40)
where the production term can be exactly computed as follows:
ρPij = ρ
˜
u′′i ~U ′′ · ~∇u˜′′j + ρ
˜
u′′j ~U ′′ · ~∇u˜′′i (2.41)
The other terms of the transport equation are the redistribution term, ρΠij , the dissipation
rate, ρij , the viscous and turbulent diffusion, ρD
v
ij and ρD
t
ij , and the term that accounts
for density variations due to compressibility, ρMij . Details about the employed RSM model
can be found in [140].
2.2.3 Flow Solver DLR TAU-Code
The CFD solver employed to perform the present analyses is the DLR TAU-Code [85, 167,
30], which solves the Reynolds Averaged Navier-Stokes (RANS) equations with a compress-
ible three-dimensional finite-volume approach. The mean-flow inviscid flux is discretized
with a second order central scheme with scalar dissipation to assure stability, whereas a
second order upwind Roe scheme is employed for the convective flux of the turbulence
transport. A Lower-Upper Symmetric Gauss Seidel (LU-SGS) scheme is used to solve the
backward Euler implicit system employed for the time stepping. The flow calculation algo-
rithm is based on the dual grid approach, which is well suited for hybrid grids. Convergence
is accelerated by local time stepping and multigrid techniques. The effects of turbulence on
the mean flow are modeled adopting the approach developed by Spalart and Allmaras (SA)
[178] with an additional correction to account for curvature and rotation effects (SARC)
[179, 174]. This extension enhances the accuracy of the turbulence modeling in regions of
the flow field where the streamlines present high curvature. This is of primary importance
for the simulation of the Coanda effect, since the flow behavior is determined by viscous
momentum transport in direction normal to the curved flap surface [131]. In this section,
the main features of the solution approach are briefly described.
The integral conservation principles are applied to each control volume Vn, associated to
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the mesh point n, defining the equation for the unknowns ~Wn. A general numerical scheme
can be defined as a system of ordinary differential equations in time by
d
dt
~Wn Vn = −
∑
Faces
~F ∗ ·∆~S + ~Q∗nVn ≡ −~Rn (2.42)
where the fluxes ~F ∗ represent the approximated fluxes on the faces of the control volume,
and the source term ~Q∗n is averaged in space within Vn. The specific form of the numerical
flux ~F ∗ depends on the numerical scheme, which defines the way the time-averaged physical
fluxes are approximated at each cell face. The right hand side defines the residual, which
represents the balance of fluxes over the cell. This balance, in absence of source terms,
must tend to zero at convergence for a steady-state problem.
Flux Approximation
In the present work, a central scheme and an upwind Roe scheme are employed to ap-
proximate the convective fluxes and the viscous fluxes, respectively. Both schemes are
second-order accurate in space. The central scheme yields more physically accurate solu-
tions but suffers from odd-even decoupling of the solution and wiggles at regions of high
gradients. This problem is addressed by adding an artificial viscosity flux according to the
method of Jameson, Schmidt, and Turkel [64], commonly referred to as JST scheme.
Central Discretization The principle of a central scheme is to compute the fluxes
through the interface n + 1
2
between the cells n and n + 1 from the arithmetic average of
the fluxes calculated in n and n+ 1 [7].
~F ∗n+1/2 =
1
2
(
~F ∗
(
~Wn
)
+ ~F ∗
(
~Wn+1
))
. (2.43)
This approach was shown to be less dissipative than the flux of the averaged quantities in
n and n + 1 [84]. Introducing FJ to refer to the central-scheme numerical flux with JST
artificial viscosity, the flux through the interface n+ 1
2
can be written as
~FJn+1/2 =
~F ∗n+1/2 − ~dn+1/2 (2.44)
where the dissipation flux is defined by
dn+1/2 = 
(2)
n+1/2
(
~Wn+1 − ~Wn
)− (4)
n+1/2
(
~Wn+2 − 3 ~Wn+1 + 3 ~Wn − ~Wn−1
)
. (2.45)
The coefficients 
(2)
n+1/2
and 
(4)
n+1/2
are used to locally adapt the dissipation flux. The
dependence on the local solution is given by the scale factor rn+1/2, which is defined as the
average of the spectral radius of the Jacobian matrix associated to the solution in the cells
n and n+ 1:

(2)
n+1/2
= k(2)rn+1/2 νn+1/2

(4)
n+1/2
= max
(
0, k(4)rn+1/2 − (2)n+1/2
) with rn+1/2 = 12(λ(A)In + λ(A)In+1) (2.46)
where λ
(
A
)I
n
is the spectral radius of the Jacobian matrix A =
∂
(
~F∗( ~Wn)·~sn
)
∂ ~Wn
calculated
at the cell center with the averaged surface vector ~sn =
1
2
(~sn+1/2 + ~sn−1/2). The sensor
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νn+1/2 activates the second order dissipation only in presence of high gradients and can be
obtained by the normalized second order pressure derivative:
µn =
∣∣∣pn+1 − 2pn + pn−1
pn+1 + 2pn + pn−1
∣∣∣ from which νn+1/2 = max(µn, µn+1). (2.47)
The accuracy of the numerical scheme is therefore reduced to first order in the proximity of
discontinuities. In such areas the forth-order derivative term is switched off, as it would lead
to overshoots of the solution. For transonic steady flows typical values of k2 are around 0.5,
while k4 can vary from 0.01 to 0.03. For subsonic flows the second order artificial viscosity
can be fixed to zero. In the case of incompressible flows the definition of 2 and 4 needs
to be modified to adapt the dissipation fluxes to the convection fluxes.
Upwind Roe Flux The Roe upwind flux is based on a linearization of the Riemann
problem at the interface of two cells, in order to reduce the computational effort. The
linear matrix A∗ is calculated as A
∗(
~Wn−1, ~Wn+1
)
= A
(
~W ∗( ~Wn−1, ~Wn+1)
)
, where ~W ∗ is
an intermediate state between ~Wn−1 and ~Wn+1. The variables of ~W ∗ are obtained by a
density-weighted average, known as Roe Average, < · >√
ρ
:
ρ∗ = < ρ∗ >√
ρ
=
√
ρn+1ρn−1
u∗l = < u
∗
l >√ρ =
(√
ρul
)
n+1
+
(√
ρul
)
n−1√
ρn+1 +
√
ρn−1
H∗ = < H∗ >√
ρ
=
(√
ρH
)
n+1
+
(√
ρH
)
n−1√
ρn+1 +
√
ρn−1
.
(2.48)
Hence, the Roe flux at the interface n+ 1/2 is defined by
~Fn+1/2 =
1
2
A
(
~W ∗
(
~Wn, ~Wn+1
))(
~Wn − ~Wn+1
)
(2.49)
This formulation is only first-order accurate in space, so it requires an extension to a
higher order. The Van Leer’s MUSCL (Monotone Upwind Schemes for Conservation Laws)
method allows to extend an upwind scheme to the second order maintaining the TVD (Total
Variation Diminishing) property. The extension to the second order with the MUSCL
approach is based on the use of extrapolated boundary conditions to calculate the interface
flux, considering a linear evolution of the variables un and un+1 within the cells n and
n + 1. In particular, the solution slope in each cell is calculated with respect to the local
gradient of the solution field. This method provides a second order solution in space, but
it involves fluctuations in high gradient regions, as new extrema may occur. To maintain
the TVD condition, some slope limiters are required. For a more extensive description of
these techniques the author recommends [90].
Time Integration
The time integration of the equation system (2.42) to a steady state is performed here with
an implicit backward Euler scheme. This approach allows the use of larger time steps, with
respect to an explicit scheme, at the cost of a higher computation effort per iteration. The
resulting equation system is solved with a LU-SGS (Lower-Upper Symmetric Gauss Seidel)
method, as derived from the work of Jameson and Turkel [65]. The convergence to steady
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state is accelerated by a local time-stepping approach. Hence, the timestep is computed
locally based on the user-defined Courant number and the cell dimension. The solution
can thus evolve more rapidly in regions with larger cells. The damping of the residual
is then improved with the multigrid technique. The residual of (2.42) vanishes when no
further changes occur in the flow, which represents a steady-state solution. Time accurate
simulations are based on a dual time stepping approach [64]. With this method, at each time
step an internal loop brings the solution from an initial state, which is extrapolated from
the previous time step, to a steady-state converged solution for the current time instant.
Therefore, the internal loop can be accelerated using the acceleration techniques available
for steady-state problems.
Low Mach Number Preconditioning
A freestream Mach number of 0.15 may represent a challenge for compressible solvers such
as TAU. The issue arises from the large difference between the velocity of the flow and
the speed of the acoustic waves, which increases the stiffness of the equation system. One
approach to solve this problem improving convergence and accuracy is to use precondition-
ing. This technique consists in altering the eigenvalues of the compressible flow equation
system in order to reduce the speed of the acoustic waves [192]. For the present simulations,
however, preconditioning did not succeed as it induced instability in the numerical solution
and prevented convergence to a steady solution [15]. These fluctuations disappeared when
an unsteady time integration approach was used. This suggests that preconditioning makes
the numerical solution more sensitive to local flow unsteadiness, e.g. at the blunt trailing
edges of the flap and of the blowing nozzle lip where solution plots showed higher residu-
als. It is worth mentioning that the solution obtained by unsteady time integration and
preconditioning did not show significant difference from the steady approach without pre-
conditioning. Hence, all results presented in the following sections were obtained without
preconditioning. Similar conclusions on the use of preconditioning for a circulation control
airfoil at low Mach number were drawn by Allan and discussed in Ref. [1].
2.2.4 Numerical Grid
The spatial discretization has a major influence on the accuracy of the numerical solution
and on the duration of the simulation. A good compromise, in terms of grid density, should
be identified in order to achieve sufficiently accurate results at a reasonable computational
cost. An estimation of the space discretization error was obtained here by employing the
Richardson extrapolation [147, 148]. The analysis was based on combining and comparing
the maximum lift coefficients obtained from three meshes with different point density [15]:
about 70000, 230000 and 920000 points. All three grids predicted maximum lift at αstall =
3.0◦ but delivered different lift coefficients: 4.410, 4.456 and 4.480, respectively. From these
results, the Richardson extrapolation provided a maximum lift coefficient of 4.496, which
represents an estimation of using an infinite number of grid points. With this value, it was
possible to determine the space discretization errors caused by the three grid resolutions:
1.91%, 0.89% and 0.36%, respectively. As such, the middle value was considered as an
acceptable compromise and the 230000-point grid was chosen for the following studies.
This analysis was performed with a jet momentum coefficient of Cµ = 0.0356, as this value
represents the optimal blowing rate for the present Coanda flap configuration, as discussed
in section 3.2.2. The grid is composed of a structured and an unstructured region, as
shown in figure 2.7. The structured mesh covers the areas near the airfoil surface, where
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(a) Mesh around the entire airfoil (b) Grid around the main airfoil
(c) Mesh of jet plenum and mixing area (d) C-block topology at the plenum exit
section
Figure 2.7: Numerical hybrid grid used for the two-dimensional analyses.
major viscous phenomena are expected; whereas an unstructured point distribution is used
to discretize the rest of the numerical domain. The external boundaries of the domain
are located at a distance of about 45 airfoil chords from the airfoil in all directions. The
structured grid topology used near the walls makes possible achieving high resolution in
the viscous sublayer. The cell height at the airfoil surface is such that y+ is everywhere
lower than 1. The extent of the structured layers is increased downstream of the Coanda
flap, in order to accurately resolve the vortical structures that would occur in case of flow
separation from the flap, as illustrated in figure 2.7a. Another important feature of the grid
is the high point density along the pressure side of the main airfoil, see figure 2.7b. Such a
high resolution is needed to accurately capture the flow attachment at the front stagnation
point, which is expected to move quite far from the leading edge because of the high levels
of circulation. A C-block topology is employed around the trailing edge of the flap and
the edge of the lip over the blowing slot (figure 2.7d). With this topology it is possible to
obtain high resolution only in regions of major interest and avoid propagation of high point
density into areas where grid points are not needed and could slow convergence down [16].
2.2.5 Convergence Criteria and Boundary Conditions
Many of the simulation results presented in the following sections are partially separated
flows and contain vortical structures. Such flows are in nature inherently unsteady, but the
Reynolds averaging process together with the addition of artificial dissipation to stabilize
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the numerical solution of the RANS equations can result in steady flow solutions. Such
inaccuracy is considered a fair compromise for an acceptable computational cost and the
integral performance of the airfoil, such as lift and drag, were proven to be reasonably accu-
rate. Nevertheless, it was not always possible to establish a steady converged solution. The
unsteadiness was visible in the convergence history of the lift coefficient, where constant
amplitude fluctuations were present after an initial transient period. However, the maxi-
mum observed amplitude of the fluctuations was always well below 1% of the average lift
coefficient, and time-accurate simulations do not result in significant variations. For this
reason, it was decided that more costly time-accurate simulations were not necessary and
average lift coefficients were used instead. Convergence was assumed achieved when the
lift coefficient variation dropped below 10−6 within the last 500 iterations. Under this con-
straint, density residuals were reduced by about 5 orders of magnitude with respect to the
initial state. The initial solution were obtained by applying the freestream flow condition
to the entire numerical field.
The lift, drag and pitching moment coefficients were determined by integrating the pres-
sure and shear stress distributions over the airfoil surface, excluding the jet plenum walls.
Hence, the contribution from the jet momentum was not included. The Coanda jet was
obtained by imposing the total pressure at the base of the modeled blowing nozzle. Pre-
vious studies showed that the total temperature of the jet has no significant impact on
the jet behavior, so for the present work the jet total temperature was set equal to the
farfield static temperature. The momentum coefficient was then computed by integrating
flow quantities over the nozzle exit section:
Cµ =
1
q∞Sref
∫ hslot
0
|~U(y)| ρ(y) ~U(y) · ~ndy. (2.50)
Note that the pressure component of the thrust generated by the jet is not considered in this
formulation. This is the approach commonly employed in the literature for both subsonic
and transonic jets, therefore it is used in this thesis for all jet momentum coefficients,
although compressibility effects are observed from Cµ ≈ 0.05.
2.3 Numerical Validation
2.3.1 Previous Work
The overall numerical set-up employed in the present work was previously assessed by
comparison to wind tunnel experiments [130, 132]. Figure 2.8 shows one typical comparison
performed by Pfingsten and published in Ref. [130]. The numerical simulations were
conducted with the same airfoil and a similar flap configuration as employed in the present
work (the flap chord was 30% of the airfoil chord and the deflection was 45◦, whereas the
flap employed here is 25% of the airfoil chord set at 65◦), using the same solver and the same
numerical approach. The assessment study highlighted the need for a curvature correction
module in order to improve the accuracy of the turbulence modeling in case of separated
flow from the flap. Moreover, it was observed that the flow of the wind tunnel experiment
could be accurately predicted only by three-dimensional simulations that included the side-
wall boundary layers. In these cases, a maximum difference of 5% was observed between the
numerical and experimental data, comparing the velocity profiles extracted just upstream of
the blowing slot. The flow topologies were similar also near the tunnel walls, were complex
vortical structures occurred.
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Figure 2.8: Experimental validation of Cp distributions obtained by numerical simula-
tions, from Ref. [130], M = 0.15, Re = 1 · 106, α = 0◦, flap deflection 45◦.
2.3.2 Effect of Turbulence Modeling
A further estimation of the accuracy of the employed Spalart-Allmaras model [178] with
rotation/curvature correction SARC [179] (in the following sections simply referred to as
SARC) is here performed through a preliminary comparison with two other RANS turbu-
lence models: 1)Menter-SST [106] with NLR curvature correction [12] and 2)RSM JHh-v2,
developed by Jakirlic´ and Hanjalic´ [63] and calibrated by DLR and Technische Universita¨t
Braunschweig [20]. The comparison focuses on three blowing rates: a low blowing condi-
tion, where the flow is largely separated from the flap; the condition of optimal blowing,
where the jet has enough momentum to nearly avoid flow separation; and a higher blowing
condition, which assures fully attached flow. Moreover, two leading-edge configurations are
tested, thus addressing all flow topologies relevant for the present work. The droop-nose
configuration differs from the baseline in the suction peak at the leading edge. The adverse
pressure gradient over the airfoil upper surface is much lower in the case of droop nose,
causing a different development of the boundary layer in this area and different interactions
between the Coanda jet and the outer flow.
The convergence behavior of the three models is significantly different, as the stability
of the computation is strongly affected by the turbulence modeling. For most of the cases
presented here, the SST-NLR and the RSM models only provide converged solutions when
a time-resolving simulation approach is employed. A similar behavior was observed by
Swanson and Rumsey and discussed in Ref. [185]. As a result, the required computation
time increases considerably and makes these models much more expensive than the SARC
model (a 10-hour simulation with steady SARC takes about one week with unsteady SST-
NLR and two weeks with unsteady RSM). The results compared in this section, however, are
obtained with the same temporal approach and time step for all methods. Figure 2.9 shows
a typical convergence history, where the time is non-dimensionalized by the freestream
velocity and the airfoil chord. A first phase of the simulation is performed with a large
timestep, ∆T U∞/c = 1.5, in order to accelerate the transient from the initial solution.
Once the average of the lift coefficient fluctuations appears approximately constant, the
timestep is reduced to ∆T U∞/c = 0.015, which corresponds to about 67 timesteps per
convective period. As a result, the lift-fluctuation amplitude is reduced, or disappears
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Figure 2.9: Convergence behavior of a RSM computation, baseline configuration,
Cµ = 0.036, α = 0.0◦, Re = 12 · 106, M = 0.15.
Table 2.1: Jet momentum coefficients obtained with the tested turbulence models, for
different jet boundary conditions.
Ptot, plenum /P∞ 1.326 1.513 2.152
SARC, baseline 0.0247 0.0358 0.0597
SST-NLR, baseline 0.0251 0.0356 0.0598
RSM, baseline 0.0255 0.0357 0.0599
SARC, droop nose 0.0246 0.0357 0.0597
SST-NLR, droop nose 0.0244 0.0350 0.0598
RSM, droop nose 0.0254 0.0354 0.0599
Max Standard deviation 1.7% 0.8% 0.1%
completely, and the residuals drop by about 4 orders of magnitude. Note that the final
value of the lift coefficient can differ significantly from the values obtained with the large
timestep, which makes the second phase of the simulation necessary.
A first result comparison is based on the jet momentum coefficients obtained with the
different turbulence models for the same plenum total pressure. The momentum coefficient
of the Coanda jet is affected by the development of the flow inside the nozzle and by the
flow condition outside, which depends on the flow field around the airfoil. The resulting
Cµ deviations are limited to about 1.7%, as summarized in table 2.1.
Figure 2.10 reports the pressure coefficient distribution for some selected cases. The
comparison shows for all cases a fairly good agreement, although some discrepancies appear
at the leading edge and on the Coanda surface. The RSM model predicts generally a
somewhat lower pressure in these areas, which corresponds to a slightly higher circulation.
The droop-nose case at Cµ = 0.036, figure 2.10d, exhibits the largest differences among the
three turbulence models. In this case, a significantly lower circulation is obtained by the
SST-NLR model, whereas the SARC model predicts attached flow until the trailing edge,
yielding the highest circulation value. On the other hand, the flow separation for the low
blowing cases, figures 2.10a and 2.10b, is predicted slightly earlier by the SARC model.
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For three of these simulations, the RSM model did not provide a fully converged solution
(figure 2.10a, 2.10b, 2.10d). In these cases, the Coanda jet exhibits unphysical fluctuations
downstream of the nozzle exit section, which propagate over the Coanda surface. In partic-
ular, the low blowing cases, Cµ = 0.025, seem critical in this respect. With Cµ = 0.036 the
fluctuations appear only for the droop nose configuration, whereas the baseline provides
a very good agreement among the three turbulence models. The fluctuations seen for the
highest blowing (2.10e, 2.10f), on the other hand, are due to compressibility effects related
to the sonic condition of the jet.
More detailed information about the flow in the mixing area are reported in figures
2.11 and 2.12, which display the profiles of velocity and turbulent shear stresses on the
Coanda surface at about 2% chord downstream of the blowing nozzle. The SARC model
predicts higher turbulent stresses and low velocity than the other models. This behavior is a
consequence of the higher diffusion of the SARC model, in agreement with what reported by
Rumsey in Ref. [152]. The irregular velocity profiles of the non-converged RSM simulations
suggest that the numerical problem affects the mixing between the two flows, producing
unsteady structures not observed with other models. The low amount of Reynolds shear
stresses shown in figures 2.12a, 2.12b, 2.12d for the RSM results confirms that these solutions
are not physical. The mixing layers of the RSM computations of figures 2.10c and 2.10d are
reported in 2.13a and 2.13b, respectively, showing an example of physical and unphysical
RSM solution for the same jet momentum. The droop nose case, on the right hand side,
exhibits unphysical local peaks of eddy viscosity near the nozzle exit, and disturbances that
propagate in direction normal to the wall surface preventing the mixing layer to develop
as occurs for the baseline case. Possible causes of these numerical issues can be the setting
of boundary layer transition inside the blowing nozzle, which might in some cases induce
numerical instability, or a too large time step employed for the time-accurate solution of
the equation system.
The resulting lift performances are summarized in figure 2.14. The low blowing case
exhibits a higher sensitivity to the turbulence model, since the circulation is strongly de-
pendent on the flow separation from the flap or the detachment between the jet and the
outer flow. At low angles of attack, the SST-NLR and RSM models do not predict flow
separation from the flap, which results in higher lift compared to the separated SARC so-
lution. At higher angles, all models predict a recirculation area between the jet and the
outer flow. The flow topology and its effects on the overall circulation, however, is different
for the three models. In SST-NLR and RSM solutions, a system of three vortices appears
downstream of the flap, whereas the SARC simulation presents only two counter-rotating
vortices. For higher blowing rates these differences are reduced, since the flow topology
becomes more simple thanks to the enhanced capability of the jet to avoid flow separation.
In conclusion, this brief turbulence model analysis highlights some significant differences
among the tested models, as well as some numerical issues observed in RSM computations
at low blowing rates. A new set of numerical parameters should be tested to address the
numerical instabilities, including new locations of the numerical tripping inside the blowing
nozzle and smaller time steps. A solution to better evaluate the accuracy of the different
turbulence models is including experimental data in the comparison, or testing numerically
a similar configuration for which experimental data are available, e.g. [130]. For the purpose
of validation of the numerical approach used for the present work, it can be concluded that
the Spalart-Allmaras model with SARC curvature correction assures a good qualitative
prediction of the main flow mechanisms and the resulting performances.
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(a) Baseline, Cµ = 0.025, α = 0.0◦ (b) Droop nose, Cµ = 0.025, α = 10.0◦
(c) Baseline, Cµ = 0.036, α = 0.0◦ (d) Droop nose, Cµ = 0.036, α = 10.0◦
(e) Baseline, Cµ = 0.060, α = 0.0◦ (f) Droop nose, Cµ = 0.060, α = 10.0◦
Figure 2.10: Effect of the turbulence modeling on the pressure coefficient distribution.
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(a) Baseline, Cµ = 0.025, α = 0.0◦ (b) Droop nose, Cµ = 0.025, α = 10.0◦
(c) Baseline, Cµ = 0.036, α = 0.0◦ (d) Droop nose, Cµ = 0.036, α = 10.0◦
(e) Baseline, Cµ = 0.060, α = 0.0◦ (f) Droop nose, Cµ = 0.060, α = 10.0◦
Figure 2.11: Effect of the turbulence modeling on the velocity x-component over the
Coanda surface.46
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(a) Baseline, Cµ = 0.025, α = 0.0◦ (b) Droop nose, Cµ = 0.025, α = 10.0◦
(c) Baseline, Cµ = 0.036, α = 0.0◦ (d) Droop nose, Cµ = 0.036, α = 10.0◦
(e) Baseline, Cµ = 0.060, α = 0.0◦ (f) Droop nose, Cµ = 0.060, α = 10.0◦
Figure 2.12: Effect of the turbulence modeling on the shear stresses over the Coanda
surface.
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(a) RSM, baseline, Cµ = 0.036, α = 0.0◦ (b) RSM, droop nose, Cµ = 0.036,
α = 10◦
Figure 2.13: Coanda jets simulated with the RSM turbulence model; a physical and well
converged solution (left) and a numerically unstable case (right).
(a) Cµ = 0.025 (b) Cµ = 0.036
(c) Cµ = 0.060
Figure 2.14: Lift performances predicted by the three URANS turbulence models.
48
3 Leading-Edge Configuration
The present chapter discusses the fundamentals of droop-nose design for active high-lift
applications. As mentioned above, the need for a stall protection device arises from the
high circulation yielded by the Coanda flap, which reduces significantly the stall angle of
attack. The main reason behind the choice of developing a droop nose instead of using
a conventional slat configuration is the higher noise emissions generated by the slat gap
[137]. In the following sections, a geometrical sensitivity study describes the effects of the
main geometrical parameters on the airfoil flow dynamics and lift performances for a fixed
blowing rate [16]. Next, the resulting droop-nose geometries are compared with a conven-
tional slat configuration and the baseline airfoil [15]. The analysis focuses on maximum lift
performance at different blowing rates and the corresponding stall mechanisms. Finally,
the efficiency of the different configurations is evaluated in terms of lift gain factor for the
target lift coefficient CLmax = 5.0.
3.1 Droop-Nose Design
Following structural guidelines, the droop-nose configurations are designed keeping the
length of the modified airfoil surface equal to the length of the baseline configuration.
Studies aiming at assessing the potentials of flexible materials with stretching capabilities
for high-lift generation can be found in Ref. [86], where Ku¨hn and Wild discussed the
benefit of a flexible droop nose in combination with a Fowler flap. In the present work,
the search for an effective shape begins with a rigid deflection of the original nose shape.
Next, the thickness is increased and the mean-line camber gradually augmented. The target
quantities used to evaluate the performance of the different configurations are the maximum
lift coefficient and the corresponding angle of attack. The flow conditions and flap settings
are kept constant at Re = 20 · 106, M = 0.15, Cµ = 0.06 (Uj/U∞ = 6.1), δ = 65◦,
Lf/c = 25%. The portion of airfoil chord modified to obtain the droop-nose configurations
is fixed at Ln/c = 20%.
3.1.1 Rigid Droop Nose
The first droop-nose configuration relies on an existing technology to create a gap-less
leading-edge stall protection device. The new shape is obtained by rotating the first 20%
of the airfoil chord around a rotation point, without altering its shape. The only skin
deformation required for this configuration is at the hinge-cover sheet at the lower surface
of the nose. Similar devices are currently employed in commercial transport aircraft, such as
the Airbus A380, because of their effectiveness and mechanical simplicity. The enhancement
of maximum lift and stall angles yielded by the rigid droop-nose configuration are shown
in figure 3.1, where the angle β represents the nose deflection with respect to the baseline
configuration. The maximum performance improvement is achieved for β = 30◦, as larger
deflection angles yield lower maximum lift and lower stall angles. Physical insight into the
3 Leading-Edge Configuration
Figure 3.1: Shapes and performance of rigid droop-nose configurations, Re = 20 · 106,
M = 0.15, Cµ = 0.06.
flow around the airfoil is provided by the pressure coefficient distributions reported in figure
3.2a. The Cp distributions describe a gradual load transfer from the leading edge to the
high curvature region over the rotation point for increasing β. The effect of this behavior on
the boundary layer is shown in figure 3.2b, where the momentum thickness of the boundary
layer at 22% of the airfoil chord (just downstream of the hinge location) is reported for
α = 6◦.
(a) Pressure coefficient distributions for dif-
ferent rigid nose settings
(b) Boundary-layer momentum thickness
on the suction side at 22% chord
Figure 3.2: Pressure coefficient and boundary-layer momentum thickness for different
rigid nose deflection angles, α = 6◦, Re = 20 · 106, M = 0.15, Cµ = 0.06.
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The initial decreasing trend of the momentum thickness proves that the viscous losses
upstream of this location are reduced by increasing the nose deflection until 30◦; whereas
the rising momentum deficit for higher nose angles shows the detrimental effect of the
strong suction peak over the nose hinge. The increase of performance resulting from the
nose deflection is also related to the reduction of the transonic area at the leading edge.
For nose deflections lower than ∼ 25◦, the pressure coefficient at the leading edge is below
−25.5, which is the critical value corresponding to sonic flow [15].
Figure 3.3a describes the effect of angle of attack variations on the load distribution. The
higher circulation yielded by higher angles of attack reduces the pressure coefficient both
at the leading edge and over the nose hinge. Nevertheless, the flow does not separate from
the airfoil even at high flow incidence (figure 3.3b). As a result, a nose deflection of β = 30◦
increases the maximum lift coefficient from 5.27 to 5.98 and delays the stall angle of attack
from 1.5◦ to 11.3◦. Such improvements, yielded by a rigid droop-nose device in combination
with a Coanda flap, are significantly larger than those reported from applications of similar
leading-edge devices on airfoils with conventional Fowler flaps [145].
(a) Variation of pressure coefficient
distribution with angle of attack
(b) Pressure coefficient flow field and stream
lines in post-stall condition, α = 11◦
Figure 3.3: Pressure coefficient for increasing angle of attack and corresponding flow field
at β = 40◦, Re = 20 · 106, M = 0.15, Cµ = 0.06.
3.1.2 Thickness Increase
The pressure distribution over the airfoil can be further improved by employing actual
deformation of the nose contour. In particular, the suction peaks at the leading edge and
over the nose hinge can be significantly reduced by increasing the thickness of the droop
nose. As described in Ref. [16], the new nose geometry is obtained by multiplying the
distance of each point of the contour from the camber line by a function f such that
f(xwingbox) = 1 ;
df(xwingbox)
dx
= 0 ; f(xleading-edge) = thle (3.1)
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where thle is the control parameter used to define different shapes. The resulting thickness
increase is symmetric with respect to the camber line. For the configurations presented here,
the thickness is increased with a parabolic function. Once the new thickness distribution
is defined, the skin length is adjusted to meet the baseline-length requirement. This is
performed by shifting each contour point in direction parallel to the camber line of a factor
proportional to the distance from the wingbox. The process results in the shapes and
performances shown in figure 3.4.
Figure 3.4: Thickness increase applied to a rigid nose deflected by β = 10◦, shapes and
performances, Re = 20 · 106, M = 0.15, Cµ = 0.06.
The thickness increase yields a reduction of the local curvature of the contour, which
results in lower suction peaks and increased stall angles. Applied to a rigid nose deflected by
10◦, the highest improvement is achieved with thle = 1.6, which leads to the performance
reported in table 3.1.
Table 3.1: Effect of the thickness variation on the stall performance of a rigid nose deflected
by 10◦.
CLmax αstall [
◦]
Droop nose β = 10◦, thle = 1.0 5.64 6.3
Droop nose β = 10◦, thle = 1.6 5.86 9.0
3.1.3 Camber Increase
A more effective surface curvature distribution can be achieved by gradually varying the
mean-line camber rather than concentrating the camber increase at a hinge point. The
first 20% of the airfoil chord is therefore modified by using a new camber line, which is
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defined by a constant curvature radius. The control parameter is the angle of the camber
line at the leading edge with respect to the x-axis, expressed by γ. The skin length is then
adjusted with the same scaling method employed for the thickness variation and described
in the previous section.
(a) Pressure coefficient distributions
for equal leading edge angles:
β = γ = 30◦, α = 5◦
(b) Comparison based on maximum lift
coefficient and leading-edge angle
Figure 3.5: Comparison between a gradual camber increase and a rigid nose deflection
(Re = 20 · 106, M = 0.15, Cµ = 0.06).
Figure 3.5 reports a comparison between the pressure coefficient distributions and the
resulting maximum lift performances obtained from the rigid droop nose and the smooth
camber configuration. The performance of the rigid droop nose geometry is limited by
the suction peak over the hinge, which causes substantial momentum losses for high nose
deflection angles. A smooth camber increase solves this problem and yields much larger
lift thanks to the possibility of using higher camber values. The best performance obtained
by camber increase, without any thickness variation, is achieved with the highest curvature
tested here, γ = 90◦, and is reported in table 3.2.
Table 3.2: Lift performance achieved by gradually increasing the mean-line camber to an
angle of 90◦ at the leading edge.
CLmax αstall[
◦]
Baseline configuration 5.27 1.5
Camber increase γ = 90◦ 6.267 15.0
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3.1.4 Camber and Thickness Increase
Combining thickness and camber variations leads to the final flexible droop-nose configu-
ration investigated here, as illustrated in figure 3.6. Referring to the morphing techniques
described above, the final geometry is defined by thle = 1.6 and γ = 90
◦ for the thick-
ness increase and camber increase, respectively. Further studies aimed at optimizing the
nose shape and revealed that using different curvature distributions or asymmetric thick-
ness variations has little effects on the lift performance. Figure 3.7 displays a comparison
between the baseline configuration and the final droop-nose design. The distributions of
pressure coefficient represent stall conditions, and the resulting lift coefficients are reported
in table 3.3. The pressure distributions show that the suction peak is drastically reduced by
the droop-nose shape, and the low pressure is distributed over a larger surface. Moreover,
the maximum pressure gradient is significantly lower, reducing the risk of boundary-layer
separation. Also, this new load distribution results in different stall behaviors, as explained
in the following sections [16]. The term “flexible droop nose” will be used to refer to the
final droop-nose geometry described in this section, whereas “rigid droop nose” will refer
to the shape described in section 3.1.1 with β = 30◦.
Figure 3.6: Flexible droop nose configu-
rations obtained by thickness
and camber variations.
Figure 3.7: Cp distributions at stall condi-
tions, Re = 20·106, M = 0.15,
Cµ = 0.06.
Table 3.3: Improvements achieved by increasing the camber and the thickness of the first
20% of the airfoil chord.
CLmax αstall[
◦] CD, stall CM , stall
Baseline configuration 5.27 1.5 0.0886 -2.184
Camber + thickness increase 6.30 15.0 0.107 -2.44
Relative variation +19.5% +13.5 +20.8% -11.7%
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3.1.5 Slat Configuration
The performance analysis of the different leading-edge configurations includes a conven-
tional slat geometry for reference. The employed slat configuration was designed by Wild
with the present airfoil, the DLR-F15, for a generic three-dimensional wing in landing
configuration equipped with a trailing-edge Fowler flap [204]. Slat angle and gap were de-
termined by using numerical optimization of the two-dimensional flow. Optimal settings
for the application tested here would most probably be different because of the particularly
high levels of circulation generated by the active flap. However, optimizing the slat config-
uration is not among the objectives of the present study, and the employed configuration
is deemed representative of the flow features and performance trends that an optimized
geometry would yield [15].
3.2 Aerodynamic Performances
3.2.1 Effects of the Leading-Edge Configuration on the
Coanda Flap
In this section, the effects of variations of jet momentum and angle of attack on the flow
behavior are investigated with four leading-edge configurations: the baseline, the rigid
droop nose with β = 30◦, the flexible droop nose with γ = 90◦ and thle = 1.6, and the slat
configuration. Boundary-layer velocity profiles and momentum thicknesses are evaluated
near the trailing edge and over the blowing slot. Figure 3.8a shows the boundary layer
momentum thickness just before the jet reaches the trailing edge for variations of flow
incidence. An increase in jet momentum coefficient enhances the Coanda effect, thereby
reducing the boundary-layer momentum thickness at the trailing edge. An increase of angle
of attack also reduces the boundary-layer momentum thickness over the flap, since the higher
adverse pressure gradient over the suction side of the airfoil increases the boundary layer
thickness upstream of the blowing slot. As a result, a gradual detachment occurs between
the outer flow and the jet, which enhances jet attachment to the wall. Examples of this
phenomenon are discussed in the following sections.
The momentum thickness of the boundary layer upstream of the blowing slot is reported
in Figure 3.8b for different blowing rates and angles of attack. It can be observed that an
augmentation of the angle of attack induces larger viscous losses upstream of this location
for all leading-edge configurations. The blowing rate, on the other hand, has different
effects on the boundary layer depending on the nose geometry. In comparison to the
baseline configuration, the droop-nose devices exhibit a significantly lower sensitivity to
jet momentum variations (see also figure 3.9). In particular, the boundary layer thickness
in the case of flexible droop nose remains nearly unchanged for variations of the blowing
rate. This behavior is the key factor to explain the high performance yielded by the flexible
droop-nose device, as discussed in section 3.2.2. The boundary-layer thickness of the slat
configuration exhibits an opposite trend in relation to the blowing rate with respect to the
other configurations, i.e. higher Cµ results in lower boundary-layer momentum thickness.
This behavior is due to the increase of mass flow through the slat gap induced by the higher
jet momentum. However, a higher circulation also induces greater viscous losses on the slat
surface, which result in a larger momentum deficit in the slat wake (figure 3.9d at about
h/c=0.25).
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(a) Boundary layer momentum thickness
at the trailing edge
(b) Boundary layer momentum thick-
ness over the blowing slot
Figure 3.8: Momentum thickness of the boundary layer at the trailing edge and over the
jet nozzle, for a range of Cµ and α, Re = 12 · 106, M = 0.15 [15].
(a) Baseline, α = −3.0◦ (b) Rigid droop nose, α = 10.0◦
(c) Flexible droop nose, α = 10.0◦ (d) Slat nose, α = 10.0◦
Figure 3.9: Velocity profiles over the jet slot, at constant angles of attack, Re = 12 · 106,
M = 0.15 [15].
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Another important outcome of the boundary-layer analysis is the boundary-layer behav-
ior at stall conditions. Although the ranges of angle of attack plotted in figure 3.8 include
post-stall conditions, the trends do not exhibit abrupt variations. This suggests that stall
is driven by a gradual mechanism rather than a sudden flow detachment. Leading-edge
flow separation was observed only with the baseline configuration at very high blowing
momentum. Section 3.2.2 provides more detailed insight into these phenomena.
3.2.2 Maximum Lift Performance
This section focuses on the maximum lift performances of the four previously introduced
configurations for different blowing rates. For the sake of completeness, results of no-
blowing conditions are also included in the analysis; however, these values are considered
less accurate than the blowing cases because of the shortcomings of the numerical approach
employed here in simulations of largely separated flows. Without active flow control, the
region over the 65◦-deflected flap is dominated by unsteady vortical structures, which cannot
be accurately predicted with a steady RANS simulation. These separated cases typically
present the lift fluctuations mentioned in section 2.2.5 so the average lift coefficient is taken
as a representative result.
(a) Effect of Cµ on the maximum lift co-
efficient
(b) Effect of Cµ on the stall angle of attack
Figure 3.10: Response of the four airfoils to different momentum coefficients, M = 0.15,
Re = 12 · 106.
An increase of jet momentum enhances the circulation, which results in higher maximum
lift, figure 3.10a. However, the blowing efficiency decreases at high Cµ. At low blowing
rate the flow over the flap is partially separated and even a small increase of Cµ delays
flow separation, resulting in a significant lift improvement. This condition is referred to
as “boundary-layer control regime” and occurs until the separation location reaches the
trailing edge, which approximately results in the lift value predicted by the potential theory
for inviscid flow. The operation of the flap with higher levels of jet momentum is named
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“supercirculation regime”. The increase of lift is now achieved by a further deflection of the
streamlines due to the jet effect downstream of the trailing edge. This explains the lower
efficiency of this regime, as a larger increase of blowing power is needed in order to obtain
the same lift improvement. The different mechanisms of the two regimes are observed also
in the trends of maximum-lift angles shown in figure 3.10b. Within the boundary-layer
control regimes the stall angle drops quickly with Cµ, whereas this trend is significantly
reduced, or even inverted, in supercirculation regime. A more detailed discussion of the
stalling behaviors is presented in the following paragraphs.
Optimal Blowing Rate
The minimum jet momentum that ensures fully attached flow, i.e. the border between
boundary-layer control and supercirculation regime, corresponds to the optimal blowing
rate, since it yields the highest lift gain without significant loss of efficiency. A lower
blowing rate would provide more flow turning with a lower flap deflection, which would
lead to attached flow. In the same way, a higher blowing rate could be employed with a
higher flap angle [15]. This observation defines a natural relation between jet momentum
and flap deflection angle. However, in the present chapter the flap angle is kept constant
for the entire range of tested Cµ since the main purpose of the study is the analysis of the
leading-edge device. Moreover, in order to investigate and understand the overall behavior
of the high-lift configuration, it is worthwhile to consider the flow topologies generated by
non-optimum blowing rates.
In figure 3.10a, the transition between boundary layer control and supercirculation
regimes causes a gradual change of slope. This is due to the fact that the condition of
fully attached flow is also affected by the angle of attack. Figure 3.11 shows the evolution
of the flow field for angles of attack close to stall. For all the configurations the optimal mo-
mentum coefficient is around 0.036. A small trailing-edge separation occurs for the baseline
and the two droop nose configurations until a few degrees before stall, whereas the flow is
completely attached at the maximum-lift angle.
Stall Mechanisms
The flow behavior around the angle of maximum lift appears strongly dependent on the
leading-edge configuration. This section describes the evolution of the flow at high angles of
attack and explains the trends shown in figure 3.10. Figures 3.13 to 3.16 report flow fields
that describe the stall mechanisms of the four configurations. The pictures are organized
in tables where the three rows correspond to different jet momentum coefficients: 0.0245,
0.06 and 0.098. The central picture of every row displays the flow at maximum lift, whereas
the first column shows the flow a few degrees before stall and the third column represents
stalled conditions.
The first row of figures 3.13-3.16 illustrates the stall mechanism within the boundary-
layer control regime (i.e. with separated flow due to low Cµ). At low angles of attack
the jet separates from the flap surface and follows the same path as the outer flow. As
the angle of attack increases, both the positive pressure gradient over the airfoil and the
viscous losses at the leading-edge increase [16]. As briefly explained in section 2.1.1, the
adverse pressure gradient causes a larger flow separation over the flap, whereas the viscous
losses at the leading edge promote the reattachment of the jet to the flap surface through
a gradual separation of the jet from the outer flow. The result of these effects is described
in figure 3.12, which illustrates the behavior of the wall jet near the separation point for
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(a) α = 1.0◦, CL = 4.413, baseline
configuration
(b) αstall = 3.0
◦, CLmax = 4.456,
baseline configuration
(c) α = 8◦, CL = 4.805, rigid droop
nose
(d) αstall = 10
◦, CLmax = 4.851,
rigid droop nose
(e) α = 10.0◦, CL = 4.948, flexible
droop nose
(f) αstall = 12.25
◦, CLmax = 5.018,
flexible droop nose
(g) α = 14.0◦, CL = 5.362, slat con-
figuration
(h) αstall = 16.0
◦, CLmax = 5.372,
slat configuration
Figure 3.11: Flow evolution near stall conditions at optimum blowing rate, Cµ = 0.0356,
M = 0.15, Re = 12 · 106.
59
3 Leading-Edge Configuration
Figure 3.12: Velocity profiles at 5% chord ahead of the trailing edge for Cµ = 0.0356,
flexible droop nose, M = 0.15, Re = 12 · 106.
Cµ = 0.0356. Until α = 8.0◦ the positive pressure gradient enlarges the flow separation,
whereas for higher angles of attack the flow is dominated by the viscous losses at the leading
edge. As a consequence, the attachment between the jet and the outer flow becomes weaker,
and the jet moves towards the flap surface. This phenomenon can cause the flap separation
to disappear. In some cases a recirculation area occurs between the jet and the outer
flow [15]. This happens typically for low blowing rates, as shown in figures 3.13b, 3.13c,
3.14b, 3.14c, 3.15c. Note that, the very high losses at the leading edge caused by high jet
momentum for the baseline configuration can cause a similar flow topology (figure 3.13i).
An increase in Cµ improves both the Coanda effect and the momentum transferred to
the outer flow. As a result, the separation point is moved toward the trailing edge. This
increases the lift coefficient but decreases the stall angle of attack, as the local adverse
pressure gradient is more sensitive to α.
In supercirculation regime, the jet momentum is sufficient to completely avoid flow sepa-
ration from the flap. Under this condition, the jet trajectory does not vary much, contrarily
to the previous case. For the baseline configuration, a higher Cµ significantly increases the
boundary layer momentum thickness over the slot, whereas for the slat configuration the
momentum losses occur in the wake of the slat (figure 3.9d). As a result, for both the base-
line and the slat geometries, high blowing rates lead to a reduction of the stall angle, as
observed in figure 3.10b. With the droop-nose devices, on the other hand, the momentum
losses in the outer flow caused by high Cµ are significantly lower. Therefore the outer flow
will overcome stronger adverse pressure gradients, and stall is delayed. This behavior is
sustained until Cµ ≈ 0.08.
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(a) Cµ = 0.0245, α = 5.0◦,
CL = 3.818
(b) Cµ = 0.0245, α = 7.0◦,
CLmax = 3.939
(c) Cµ = 0.0245, α = 8.0◦,
CL = 3.857
(d) Cµ = 0.06, α = 0.0◦,
CL = 5.195
(e) Cµ = 0.06, α = 1.25◦,
CLmax = 5.214
(f) Cµ = 0.06, α = 2.0◦,
CL = 5.191
(g) Cµ = 0.098, α = −3.0◦,
CL = 5.703
(h) Cµ = 0.098, α = −1.0◦,
CLmax = 5.853
(i) Cµ = 0.098, α = 0.0◦,
CL = 3.777
Figure 3.13: Baseline configuration, Cp contour and streamlines, M = 0.15, Re = 12 ·106.
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(a) Cµ = 0.0245, α = 11.0◦,
CL = 4.162
(b) Cµ = 0.0245, α = 13.0◦,
CLmax = 4.273
(c) Cµ = 0.0245, α = 15.0◦,
CL = 4.213
(d) Cµ = 0.06, α = 9.0◦,
CL = 5.898
(e) Cµ = 0.06, α = 10.75◦,
CLmax = 5.928
(f) Cµ = 0.06, α = 12.0◦,
CL = 5.909
(g) Cµ = 0.098, α = 9.0◦,
CL = 6.861
(h) Cµ = 0.098, α = 10.75◦,
CLmax = 6.934
(i) Cµ = 0.098, α = 13.0◦,
CL = 6.549
Figure 3.14: Rigid droop nose configuration, Cp contour and streamlines, M = 0.15,
Re = 12 · 106.
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(a) Cµ = 0.0245, α = 12.0◦,
CL = 4.224
(b) Cµ = 0.0245, α = 14.0◦,
CLmax = 4.361
(c) Cµ = 0.0245, α = 15.0◦,
CL = 4.357
(d) Cµ = 0.06, α = 13.0◦,
CL = 6.192
(e) Cµ = 0.06, α = 15.0◦,
CLmax = 6.226
(f) Cµ = 0.06, α = 16.0◦,
CL = 6.215
(g) Cµ = 0.098, α = 15.0◦,
CL = 7.393
(h) Cµ = 0.098, α = 17.0◦,
CLmax = 7.471
(i) Cµ = 0.098, α = 18.0◦,
CL = 7.455
Figure 3.15: Flexible droop nose configuration, Cp contour and streamlines, M = 0.15,
Re = 12 · 106.
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(a) Cµ = 0.0245, α = 18.0◦,
CL = 4.945
(b) Cµ = 0.0245, α = 20.0◦,
CLmax = 5.043
(c) Cµ = 0.0245, α = 22.0◦,
CL = 4.998
(d) Cµ = 0.06, α = 10.0◦,
CL = 5.860
(e) Cµ = 0.06, α = 12.0◦,
CLmax = 5.880
(f) Cµ = 0.06, α = 13.0◦,
CL = 5.874
(g) Cµ = 0.098, α = 7.0◦,
CL = 6.589
(h) Cµ = 0.098, α = 9.5◦,
CLmax = 6.653
(i) Cµ = 0.098, α = 11.0◦,
CL = 6.638
Figure 3.16: Slat configuration, Cp contour and streamlines, M = 0.15, Re = 12 · 106.
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3.2.3 Overall Lift Gains
As mentioned in the introduction, a suitable parameter to evaluate the efficiency of the
active high-lift system is the ratio between the increase of lift coefficient yielded by the
active flow control and the momentum coefficient required to obtain that gain:
Lift Gain Factor (LGF) =
CLmax, blowing − CLmax, reference
Cµ
(3.2)
The reference CLmax employed here is 1.87, which is the maximum lift coefficient obtained
by the airfoil in cruise configuration (with flap and leading-edge device retracted). Figure
3.17 reports the variation of the lift gain factor in relation to the blowing rate, for the
different leading-edge configurations. The slat configuration yields the highest benefit for
Cµ lower than 0.05; whereas the flexible droop-nose is the most effective configuration for
higher blowing. The slat curve shows a more rapid loss of efficiency with the blowing rate,
compared to the other three configurations. This suggests that the slat setting employed
here is not suited to the high circulation generated by strong Coanda jets. A new positioning
of the slat would, in this case, significantly improve the performance at high jet momentum.
Figure 3.17: Effects of blowing rates on lift gain factor, M = 0.15, Re = 12 · 106.
A further estimate of the gains yielded by the stall protection devices is obtained by
examining the blowing rate required to generate a target maximum lift [15]. Using the
present computational data-base for this estimate leads to approximate results in the fol-
lowing sense:
• The flap deflection angle is not varied. As a consequence, the potential of the blowing
jet are fully exploited only around Cµ = 0.0356, which is the optimal blowing rate
for all investigated leading-edge configurations (section 3.2.2). Other blowing rates
would require adjustments in the flap deflection angle.
• Only a discrete number of blowing rates has been tested. Therefore a linear inter-
polation was performed to obtain the result for a given target lift coefficient.
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Table 3.4: Aerodynamic coefficients and blowing requirements at same maximum lift,
M = 0.15, Re = 12 · 106.
Cµ αstall CLmax CMstall LGF5, cruise
Baseline 0.0522 1.5◦ 5.0 -0.880 60.0
Rigid droop nose 0.0389 10.0◦ 5.0 -0.764 80.5
Flexible droop nose 0.0353 12.3◦ 5.0 -0.724 88.7
Slat configuration 0.0232 20.6◦ 5.0 -0.304 135.0
Even if not rigorously accurate, the present analysis points out the benefits of the different
leading-edge devices expected in realistic STOL aircraft applications. A target maximum
lift coefficient of CLmax = 5.0, yields the results summarized in table 3.4. All leading-
edge devices reduce the required jet momentum coefficient by significant amounts. The
slat configuration results in the lowest blowing requirements, followed by the flexible droop
nose. The pitching moment around the reference point 25% chord is also given. Again, the
slat configuration provides the best improvement, thanks to the high load on the slat and
the extended chord.
In conclusion, the slat configuration turns out to be the most effective, with respect to
lift and pitching moment performance. However, major issues may arise from the noise
emissions generated by the high-velocity flow at the slat trailing-edge. The behavior of the
slat wake facing the adverse pressure gradient over the Coanda flap should also be more
thoroughly investigated. Ying reported in Ref. [211] the risk of sudden spreading of the slat
wake when exposed to a strong adverse pressure gradient. For this purpose, experimental
or numerical approaches able to accurately capture the dynamics of the free shear-layer and
the flow curvature should be used.
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The active high-lift configuration investigated in chapter 3 is here integrated into a high-
wing transport aircraft model. The high circulation yielded by the Coanda flap generates
three-dimensional flow mechanisms that limit the lift performance to values significantly
lower than the two-dimensional design analyses [18]. This chapter presents a study of these
dynamics for the baseline and the flexible droop-nose leading-edge configurations based on
the results obtained by Thiemeier within the framework of his Master Thesis at Technische
Universita¨t Braunschweig [189].
4.1 Geometry and Grid
The aircraft geometry employed to assess the two-dimensional droop-nose design is the
result of a preliminary overall aircraft design process performed with the software PrADO
[57, 198]. The model is characterized by the tapered, twisted and swept wing illustrated
in figure 4.1a. The connections between the movable surfaces and the wing are smoothed
in order to facilitate the structured meshing process, as reported in detail by Thiemeier in
Ref. [189]. A constant deflection angle of 65◦ is used for the flap, and 30◦ for the aileron,
which is also equipped with the Coanda blowing device.
Similarly to the two-dimensional studies, the numerical mesh is realized by using the grid
generator Pointwise Gridgen. Such tool allows an accurate point distribution also in regions
of complex geometry thanks to a manual definition of the structured mesh topology. As
shown in figures 4.1c and 4.1d, structured blocks are employed to discretize the volume from
the surface of the model until a distance of about half of the wing-tip chord. The volume
from the structured mesh to the outer boundaries is filled with tetrahedra but divided into
four sub-volumes in order to adapt the grid density to the expected local flow topology,
as displayed in figure 4.1b. The resulting grid is made of about 50 million points, and the
dimensions of the external shell are about 400 times the reference cord length, in vertical
and streamwise directions, and 130 times in spanwise direction.
4.2 Results
The freestream flow conditions used for the simulations presented in this section represent
a typical landing phase: Re = 12 · 106 and M = 0.15. Under these conditions, according to
two-dimensional computations, a jet momentum coefficient of about Cµ = 0.035 is required
to achieve fully attached flow over the flap, which is deflected by 65◦. This value of jet
momentum coefficient is applied over the entire wing span, although the aileron deflection
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(a) Wing-body aircraft model (b) Overview of the grid inner subvolumes
(c) Grid of the wing section (d) Close-up of the blowing slot grid
Figure 4.1: 3D model geometry and numerical mesh.
angle is 45◦ and could thus be operated with a lower blowing rate. This assures attached
flow also during the movements of the aileron and during all flight conditions. Details on
longitudinal stability of the present configuration are discussed by Keller in [75, 76].
Figure 4.2 reports the lift curves of the baseline and the flexible droop-nose configurations
over the angle of attack [189]. As expected from the previous 2D studies, the droop-nose
device yields a higher stall angle and a significant increase of maximum lift. However,
the loss of lift appears more sudden than for the airfoil study, where the slope of the
lift curves decreases gradually. This suggests different stall mechanisms for the aircraft
model. The analysis that follows begins with a comparison between the lift performance
of the two-dimensional airfoil and a representative wing section of the three-dimensional
aircraft model. Next, the three-dimensional stall mechanisms are discussed, explaining the
differences with respect to the 2D airfoil flow.
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Figure 4.2: Lift curves of the 3D model, droop nose and baseline configuration,
Cµ = 0.035, Re = 12 · 106 and M = 0.15.
4.2.1 Performance Comparison between 2D and 3D
Results
An important objective of the present three-dimensional study is the investigation of the
differences between the two-dimensional flow fields resulting from the airfoil analyses and
the three-dimensional mechanisms of the flow around the aircraft model. The comparison of
the lift performances is based on the lift generated by the wing section η = 2y/b = 0.6, where
b represents the wing span, and considers the local effective angle of attack. The effective
angle of attack, αe, differs from the global one by the local wing twist and the downwash,
which was estimated according to the lifting-line theory of Prandtl. This estimation is
therefore based on the assumption of potential flow, which is not valid everywhere for the
present case. The accuracy of the induced angle of attack obtained with this approach
is affected by the high flow curvature caused by the active flap, the recirculation areas
downstream of the flap, as well as the actual lift distribution along the wing span, as
explained in Ref. [189]. However, as the induced angle of attack is relatively small at a
wing aspect ratio around 10, these data can be used as basis for a comparison between the
two geometries, and as starting point for the analysis of the three-dimensional flow fields
[18].
Figure 4.3 illustrates the lift performance comparison for Cµ = 0.035. In comparison
with the isolated airfoil, the wing section generates a slightly lower lift coefficient already
within the quasi-linear range of the lift curves. The difference is about 0.2 for both leading-
edge configurations. However, the slopes of the lift curves appear very similar, which
suggests that the generation of lift before stall-onset is not significantly affected by three-
dimensional phenomena. Once the stall mechanism is triggered, on the other hand, the wing
sections seem to behave very differently from the isolated airfoils. Three dimensional flow
mechanisms cause a sudden drop of lift much earlier than the two-dimensional flow. Note
that the last two points of the wing section curve for the baseline configuration exhibit major
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Figure 4.3: Lift curve comparison between 2D simulations and a 3D wing section, η = 0.6,
droop nose and baseline configuration, Cµ = 0.035, Re = 12 · 106 and
M = 0.15.
inaccuracy because of the use of the lifting-line method beyond the limits of applicability,
as the flow in these cases is highly separated. In the following sections the stall mechanisms
of the baseline and the droop-nose wing configurations are investigated in more detail and
the reasons of the disagreement with the two-dimensional computations are discussed.
4.2.2 Stall Mechanisms
Baseline Wing Configuration
The investigation of the flow mechanisms can begin by observing the evolution of the non-
dimensional circulation distribution in spanwise direction, γ = Γ/(b · |U∞|), for different
angles of attack. The circulation appears to gradually increase over the entire wing until the
angle of maximum lift. One degree after stall a large deficit of circulation takes place around
η = 0.7 and propagates towards the wing root and tip, if the angle is further increased. The
lower deflection of the aileron, however, enables the corresponding portion of the wing to
produce reasonable lift even 4◦ after stall. The wall streamlines and the friction coefficient
contours shown in figures 4.6 suggest that the stall mechanism for the baseline configuration
is triggered by a leading-edge separation. This can be caused by the high circulation
generated by the Coanda flap, which creates a strong suction peak at the leading edge.
However, leading-edge separation is observed in two-dimensional computations only for jet
momentum coefficients higher than 0.08. A comparison between the boundary layer profiles
of 2D and 3D flows downstream of the nose is reported in figure 4.5. The boundary layer in
the separation area over the three-dimensional wing appears thicker and more sensitive to
angle of attack variations than the one over the isolated airfoil, at the same Cµ and αe. This
different behavior is likely caused by boundary-layer cross flow that occurs at the leading-
edge stagnation point and increases with the angle of attack. This effect would also explain
the difference in stall angle between the two- and three-dimensional baseline simulations
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Figure 4.4: Spanwise circulation distribu-
tion, baseline configuration,
Cµ = 0.035.
Figure 4.5: Velocity profiles variation with
α at 20% chord, 2D and 3D at
η = 0.6, Cµ = 0.035.
mentioned in the previous section. Another possible reason for this early separation might
be insufficient grid resolution in the leading-edge area, since no three-dimensional grid-
convergence study was carried out.
(a) α = 3◦ (CLmax ) (b) α = 4◦
Figure 4.6: Surface streamlines and longitudinal friction coefficient close to stall condition
for the baseline configuration.
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Figure 4.7: Spanwise circulation distribution, droop nose, Cµ = 0.035.
Droop-Nose Wing Configuration
The two-dimensional studies discussed in chapter 3 proved that the suction peak at the
leading edge is significantly reduced by the droop nose. This prevents leading-edge sepa-
ration even at high jet momentum values and 2D stall is caused by a gradual separation
between the Coanda jet and the outer flow. The stall mechanism of the 3D wing model
equipped with the droop-nose device is therefore expected to be different from the baseline
leading-edge configuration described in the previous section.
Figure 4.7 displays the variation of circulation distribution with the angle of attack. The
distribution remains similar to the baseline configuration until the angle of maximum lift;
whereas for higher angles of attack it appears substantially different. The reduction of
circulation at high angles takes place in the proximity of the wing root, while the outer
half of the wing maintains attached flow. This behavior can be explained by observing the
surface streamlines and pressure coefficient distributions in figure 4.8. The trailing-edge flow
separation occurring in the outer half of the flap area does not vary significantly during
stall, which suggests that such separation does not play an important role in the lift-drop
mechanism. The flow features over the wing root, on the other hand, change rapidly. The
surface streamlines show a strong cross flow that directs near-wall fluid from the fuselage
towards the wing flap, over the suction side of the wing. The cross flow is induced by the
low pressure that exists over the wing and is enhanced by the angle of attack. The thick
boundary layer developed over the fuselage reaches the root of the Coanda flap just at the
angle of maximum lift and affects its behavior for higher angles of attack. Figure 4.9 displays
the flow field at η = 0.2 at maximum lift and after stall. Until the condition of maximum lift
the flow over the flap remains fully attached and the jet provides great flow turning. One
degree after stall, however, the fuselage boundary layer reaches the blowing slot causing
the Coanda jet to separate from the outer flow. At this point, a large recirculation region
appears downstream of the flap, similarly to what observed for the isolated airfoil during
the two-dimensional study, and the circulation is drastically reduced, until η = 0.3.
72
4.2 Results
(a) α = 16◦ (CLmax ) (b) α = 17◦
Figure 4.8: Surface streamlines and Cp distribution close to stall condition for the droop
nose configuration.
(a) Streamlines and Cp distribution,
η = 0.2, α = 16◦ (CLmax )
(b) Streamlines and Cp distribution,
η = 0.2, α = 17◦
Figure 4.9: Flow field around the wing at η = 0.2 close to stall condition for the droop
nose configuration.
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Other examples in which boundary layer cross flow over the wing root degrades so dras-
tically the high-lift system performance are not known to the author. The main cause of
this non-conventional behavior is the high level of circulation yielded by the active flap in
combination with the droop nose. Further investigations should begin with the validation
of these numerical results by means of dedicated numerical simulations (e.g. simulations
with a higher grid density in the wing-root area and possibly with a turbulence modeling
approach suited for separated flow) and experimental data, in order to highlight possible
inaccuracies in the phenomena presented here. Such analyses would also provide a richer de-
scription of the flow physics. Of particular interest are the interactions of the near-wall flow
with the horse-shoe vortex generated at the leading edge and the dependency of the flow
topology on the wing-root geometry. A more thorough understanding of these mechanisms
would then allow finding a viable solution to improve the overall performance of the active
high-lift configuration under operative conditions, thus approaching the two-dimensional
predictions. One possibility to reduce the loss of maximum lift could be the adoption of
fences to straighten the flow over the wing and limit the interaction between the fuselage
boundary layer and the Coanda flap. Vortex generators could also be used similarly to
a slat horn to induce a velocity component towards the center line of the aircraft in the
near-wall fluid over the wing root.
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A viable solution to generate the compressed air needed by the active Coanda flap system is
using dedicated electric compressors. One design currently developed within the framework
of the research center SFB 880 is based on the integration of compact compressors into
the wing, behind the rear spar. This set-up can exploit the compressor intakes, located
on the wing surface, to improve the boundary layer behavior around the airfoil [17]. In
this context, this chapter focuses on the two-dimensional design of the air intake of a
hypothetical compact compressor. The design drivers are the airfoil lift performances and
the total pressure recovery inside the suction duct. Different suction-slot geometries and
locations are tested on the flexible droop-nose configuration described in section 3 in order to
investigate the aerodynamic sensitivities of the main geometrical parameters. The final lift
gain is then evaluated testing one representative suction configuration for different blowing
momentum coefficients.
5.1 Design of the Suction Duct
The design of the suction duct is carried out by investigating the aerodynamic sensitivities
of the internal shape and location of the duct. The suction device is added to the con-
figuration with Coanda-flap and droop-nose that results from the droop-nose design work
presented in section 3.1. Different intake geometries are therefore tested and the perfor-
mances are evaluated in terms of maximum lift and total pressure recovery along the duct.
The momentum coefficient of the Coanda jet is kept constant at Cµ = 0.0356, which rep-
resents the optimal blowing rate for a flap deflection angle of δ = 65◦ (see section 3.2.2).
The mass flow through the suction slot is determined by the mass flow of the Coanda jet,
considering that the jet is generated by compressing the air at the end of the suction duct.
The width of the final section of the duct is estimated in order to achieve Minlet = 0.1,
which is considered a suitable value for a compressor inlet. The resulting duct width at
the end section is 0.6% of the airfoil chord, for a suction slot located at 61% of the chord
length. The freestream conditions are Re = 12 · 106 and M = 0.15.
The analysis focuses on the geometrical parameters illustrated in figure 5.1. The aero-
dynamic sensitivities of the internal shape of the duct, defined by the parameters β and
γ, are discussed in section 5.1.1; whereas the effects of the suction slot location, identified
by x, are described in section 5.1.2. Finally, in order to evaluate the overall performance
and identify the most effective configuration, the two performance indicators, maximum
lift coefficient and total pressure recovery along the duct, are combined into one design
objective: a balanced lift coefficient, as presented in section 5.1.3.
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Figure 5.1: Geometrical parameters that define the suction slot shape and location.
5.1.1 Internal Shape Analysis
The sensitivity study of the internal shape of the suction duct is performed by varying the
local duct angle β and the diffusion angle γ while the duct location is fixed at x = 61% of
the airfoil chord. In this location, the slot would be positioned upstream of the front edge
of a hypothetical spoiler but downstream of the wingbox. Positioning the suction slot in
the front of the wingbox would involve the duct passing through the supporting structure
of the wing. The minimum duct angle with respect to the local airfoil surface is limited
to β = 10◦. Lower angles could slightly enhance the total pressure recovery, but a thinner
lip would involve larger deformation when exposed to the pressure difference between the
internal and the external flow.
Figure 5.2: Effect of diffuser angle on maximum lift performance, for β = 10◦,
Re = 12 · 106, M = 0.15.
According to the lift curves reported in figure 5.2, the suction device at 61% of the
airfoil chord enhances the maximum lift coefficient by up to 7% and delays stall by 3◦, with
respect to the configuration without wall suction. The largest benefit is obtained with the
highest diffusion angle, γ = 7◦. Reducing the duct diffusion from 7◦ to 0◦ degrades the
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maximum lift by about 0.6%, whereas the stall angle remains approximately constant. For
a duct angle β = 20◦, the effect of the diffusion angle variation on the lift performance
is about 0.3%. The internal duct geometry has also a significant influence on the total
pressure recovery. For this reason, the connection between the lower side of the channel
and the original airfoil contour is designed to avoid flow separation. The effects of duct and
diffusion angles on the pressure recovery are reported in table 5.1 and discussed in section
5.1.3.
5.1.2 Location Analysis
Having assessed the potential of the wall suction at 61% chord length, the suction slot with
β = 10◦ and γ = 0◦ is tested in three other locations: 30% chord, 85% chord and 75%
chord on the pressure side (figure 5.3). The suction slot locations are selected based on
their expected effects on the flow physics, as discussed by the author in Ref. [17]. At 30%
chord the flow experiences the strong adverse pressure gradient that occurs after the suction
peak at the leading edge. This increases the boundary layer thickness along the suction
side of the airfoil, thereby affecting the efficiency of the Coanda flap. For this reason,
manipulating the boundary layer in this area may significantly reduce the jet momentum
requirements. A similar effect is expected by the suction slot at 61% chord, which will
enhance the boundary-layer momentum just upstream of the blowing slot. At 85% chord
the suction slot is located on the flap surface. In this location it may be possible to avoid
the flow separation that occurs with low jet momentum coefficients, exploiting a mechanism
similar to the one described by Chen in Ref. [23]. Finally, a suction slot on the pressure
side of the airfoil, at 75% of the chord length, is tested in order to reduce the recirculation
area occurring at the flap hinge and to benefit from the high total pressure present in this
area.
(a) Suction slot at 30% chord (b) Suction slot at 61% chord
(c) Suction slot at 85% chord (d) Suction slot at 75% chord on the
pressure side
Figure 5.3: Tested suction locations.
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The lift curves reported in figure 5.4 show that the location of the suction slot has a larger
effect on the lift performance than the internal duct geometry. Positioning the suction slot
upstream of the blowing device turns out to be the best choice. In particular, the 30% chord
suction yields the highest performance, enhancing lift by 12% and delaying stall by 6◦, with
respect to the case without suction. A suction slot on the flap surface, on the other hand,
appears to have a detrimental effect on lift. In this case the maximum lift coefficient is
reduced by 0.7% and the corresponding angle by 1◦. Finally, the variation of lift yielded by
suction at the flap hinge is negligible. These results are explained in the following sections
by investigating the flow mechanisms generated by wall suction at the different locations.
Figure 5.4: Effect of suction location on the lift curve, Cµ = 0.0356, Re = 12 · 106,
M = 0.15.
Suction Upstream of the Blowing Slot
Both the suction slots located at 30% and at 61% chord reduce the boundary-layer thickness
upstream of the blowing slot. The momentum enhancement of the near-wall fluid in this
area brings large benefit to the operation of the Coanda flap, as discussed in section 3.2.
The velocity profiles just upstream of the blowing slot, reported in figure 5.5, show that
the flow momentum in the case of suction at 30% chord is higher than the other cases.
In particular, the non-dimensional momentum thickness of the boundary layer above the
blowing slot is δ2/c = 7.8 · 10−4 for suction at 30% chord, δ2/c = 9.8 · 10−4 for suction at
61% chord, and δ2/c = 1.3·10−3 for the configuration without suction. The overall effect on
the airfoil flow is an increase of circulation, which leads to pressure coefficient distributions
similar to an augmentation of jet momentum, as shown in figure 5.6.
Suction on the Flap Surface
The comparison shown in figure 5.4 is obtained with a jet momentum coefficient that
assures fully attached flow over the Coanda flap, Cµ = 0.0356. Under these conditions, a
slot positioned on the flap surface removes part of the Coanda jet, thereby reducing the
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Figure 5.5: Velocity profiles of the bound-
ary layer upstream of the
blowing slot, Cµ = 0.0356,
α = 10◦, Re = 12 · 106,
M = 0.15.
Figure 5.6: Cp distributions for con-
figurations with suction
upstream of the blowing
slot, Cµ = 0.0356, α = 10◦,
Re = 12 · 106, M = 0.15.
momentum of the flow over the flap [17]. For this reason, it is worth testing wall suction in
this location for a lower jet momentum, such that the flow separates from the flap upstream
of the suction slot. Figure 5.7a displays the topology of the flow field for Cµ = 0.016 at
an angle of attack within the linear range of the lift curve. The large recirculation area
occurring downstream of the flap seems to be not significantly affected by wall suction.
The authority of the suction device could be enhanced by moving the suction slot towards
the separation point. However, the topology of the flow at higher angles of attack changes
drastically, as shown in figure 5.7b. At the condition of maximum lift, there occurs no
longer a flow separation from the flap surface, as the separation takes place between the
outer flow and jet (as explained in section 2.1.1). This makes wall suction again unable to
effectively interact with the vortical structures.
Suction at the Flap Hinge
The recirculation area at the flap-hinge corner is characterized by a higher total pressure
with respect to the airfoil suction side. The advantage of a suction slot in this location is
therefore mostly rooted in a high total pressure at the end of the suction duct. Figure 5.8
shows the effects of suction to the local flow topology. The recirculation structure is no
longer present, but this seems to have only minor effects on the lift performance, as shown
by the lift curve in figure 5.4. The benefit of the high total pressure inside the suction duct
is discussed in the next section, where an approach to translate the total pressure recovery
into lift is proposed, thus allowing a comparison among the different configurations based
on the overall performance.
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(a) α = 10◦ without suction (left) and with suction (right)
(b) Maximum lift condition without suction at αstall = 17
◦
(left) and with suction at αstall = 15.25
◦ (right)
Figure 5.7: Effect of wall suction at 85% chord on the flow over the flap, Cµ = 0.016,
Re = 12 · 106, M = 0.15.
Figure 5.8: Wall suction at the flap hinge, Cµ = 0.0356, α = 10◦, Re = 12·106, M = 0.15.
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5.1.3 Overall Suction Performance: Lift Balance
The objectives of the wall suction device are 1) to provide air at high total pressure to
the compact compressors, and 2) to improve the maximum lift generated by the airfoil.
However, these two objectives follow opposite trends when the geometrical parameters are
varied: a narrow suction slot increases lift but also induces high viscous losses to the internal
flow, thus reducing the total pressure recovery. For this reason, a combined quantity is
needed to evaluate and compare the overall performance of the tested geometries. The
approach proposed by the author in Ref. [17] is based on the following considerations:
• With a high inlet total pressure, the compressor needs less power to provide the
outlet total pressure required by the Coanda jet. Similarly, for a given compression
ratio the compressor provides higher outlet total pressure with respect to a case with
low inlet total pressure.
• High total pressure inside the jet plenum (compressor outlet) generates a jet with
high momentum.
• The lift coefficient can be considered directly proportional to the jet momentum
coefficient, for small variations of Cµ.
It can be deduced that a high total pressure recovery along the suction duct leads to a
high lift coefficient, for a given compression ratio. Thanks to this relation, it is possible to
balance the lift coefficient with the total pressure obtained at the end of the suction slot.
The procedure used to obtain the balanced lift coefficient is reported in the flowchart of
figure 5.9. As first step, a new total pressure inside the jet plenum (i.e. the outlet of a
hypothetical compact compressor) is calculated by multiplying the total pressure at the end
of the suction duct by a reference compression ratio. A new jet momentum coefficient is
then obtained from the plenum total pressure. Next, the new jet momentum coefficient is
compared to the initial one, employed to compute the flow solution. The difference between
the two jet momentum coefficients is used to estimate a variation of lift coefficient based
on a database containing Cµ and CL values. Thanks to the lift coefficient variation, it is
finally possible to compute the balanced lift coefficient.
Such procedure does not consider second order effects of a jet momentum variation, e.g.
an augmentation of circulation due to a higher jet momentum would further increase the
total pressure inside the suction duct. A better estimation could be obtained by performing
more than a single iteration; however, the effect would be rather small and it would simply
increase the differences among the balanced performances resulting from the first iteration.
In order to compute the balanced lift coefficient for the present configurations, a compression
ratio was obtained from the total pressure inside the jet plenum and the one at the end of
the suction slot, using as reference the geometry with β = 10◦, γ = 0◦, and x = 61% chord.
For this reason, the balanced lift coefficient of this geometry does not differ from the initial
one.
Figure 5.10 and table 5.1 report the balanced lift coefficients resulting from the different
internal duct geometries introduced in section 5.1.1. Increasing the duct diffusion angle, γ,
causes a reduction of the suction slot opening, which accelerates the flow entering the duct.
This has a double effect, as it enhances the lift generated by the airfoil but also increases the
viscous losses inside the suction duct. The balanced lift coefficient proves that this second
effect overcomes the lift benefit for γ > 3◦, where the curves exhibit a substantial decrease
of balanced lift. Such drop of the overall performance is caused by the appearance of a
small separation bubble on the lower side of the suction slot lip, which causes a significant
loss of total pressure inside the duct. As the figure shows, the most effective configuration,
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Flow solution
Total pressure at the 
end of the suction duct
Total pressure in 
the jet plenum
Jet momentum coefficient
Correction of jet momentum coefficient
Correction of lift coefficient
Balanced lift coefficient
Lift coefficient
Compression ratio
Nozzle geometry
Initial jet momentum coefficient
Database of Cμ­CL values
Figure 5.9: Procedure to compute the balanced lift coefficient.
Figure 5.10: Balanced performances
for different internal duct
shapes.
Figure 5.11: Balanced performances for
the tested suction slot loca-
tions.
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Table 5.1: Lift coefficient balance for the internal duct geometries, x = 61% chord.
Configuration CLmax pti/p∞ Cµbal CLmax, bal
β = 10◦, γ = 0◦ 5.342 0.9664 0.0356 5.342
β = 10◦, γ = 3◦ 5.364 0.9652 0.0355 5.358
β = 10◦, γ = 5◦ 5.372 0.9578 0.0349 5.328
β = 10◦, γ = 6◦ 5.375 0.9348 0.0328 5.214
β = 10◦, γ = 7◦ 5.376 0.8548 0.0257 4.735
β = 20◦, γ = 0◦ 5.354 0.9652 0.0355 5.348
β = 20◦, γ = 3◦ 5.364 0.9649 0.0355 5.356
β = 20◦, γ = 5◦ 5.369 0.9615 0.0351 5.344
β = 20◦, γ = 6◦ 5.371 0.9556 0.0346 5.316
β = 20◦, γ = 7◦ 5.373 0.9371 0.0330 5.224
Table 5.2: Lift coefficient balance for the suction locations, with β = 10◦ and γ = 0◦.
Configuration CLmax pti/p∞ Cµbal CLmax, bal
x = 30% c 5.620 0.9302 0.0324 5.435
x = 61% c 5.342 0.9664 0.0356 5.342
x = 85% c 4.982 1.0016 0.0387 5.141
x = 75% c ps 5.006 1.0154 0.0397 5.222
which yields the highest balanced lift coefficient, is obtained with β = 10◦ and γ = 3◦, for
the x = 61% chord case.
The balanced lift coefficient was also computed with wall suction applied in different
locations. The effects of the total pressure recovery along the suction duct on the maximum
lift coefficients are shown in figure 5.11 and reported in table 5.2. The highest total pressure
values are achieved at the end of the ducts located at 75% chord on the pressure side (ps)
and on the flap upper surface (85% chord). However, even translating such high total
pressure values into an increase of lift, the overall performance remains lower than the
cases where wall suction is applied upstream of the blowing slot. In particular, the most
effective suction location is 30% of the chord length, although the total pressure recovery
turns out to be lower than for the other cases.
5.2 Aerodynamic Performance
This section focuses on the aerodynamic response of a configuration with wall suction to
different jet momentum coefficients. The behavior of the airfoil equipped with the suction
slot β = 10◦ and γ = 0◦ located at x = 61% chord is compared with results obtained
without suction. The effects of the suction device are also investigated on the baseline
leading-edge configuration. The results are plotted in figure 5.12, where the improvements
yielded by wall suction on maximum lift coefficient and stall angle can be observed over the
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(a) Cµ effect on the maximum lift coeffi-
cient, Re = 12 · 106, M = 0.15
(b) Cµ effect on the stall angle of attack,
Re = 12 · 106, M = 0.15
Figure 5.12: Effect of the Cµ on the performances at maximum lift.
entire range of tested jet momentum coefficients. In particular, the benefit is significantly
larger for the droop-nose configuration. For Cµ = 0.0356, the lift coefficient obtained with
droop nose is enhanced by 6.5%, whereas the one of the baseline leading-edge configuration
is improved by only 3% (figure 5.12b). Similarly, the stall angle is delayed by 2.75◦ for the
droop-nose configuration, and by only 0.5◦ for the baseline geometry (figure 5.12a). Wall
suction appears to shift the curves of performance upwards, maintaining the curve trends.
This suggests that the stall mechanisms of the airfoils are not significantly affected by the
suction device.
A further comparison is presented in table 5.3. Here, the jet momentum coefficients of
three configurations - baseline leading edge, droop nose, and droop nose with wall suction
β = 10◦, γ = 0◦, x = 61%c - are set in order to achieve the target lift coefficient CLmax = 5.0
at condition of maximum lift. With respect to the baseline geometry, the droop nose device
reduces the momentum requirements by about 32%, which becomes about 43% if the wall
suction is also employed. By consequence, the lift gain factor obtained with the baseline
configuration, 60, is brought to 89 by the leading edge device and to 105 by the combination
of droop nose and suction device.
Table 5.3: Blowing requirement and aerodynamic parameters for CLmax = 5.0.
Cµ αstall CLmax CMstall LGF5, cruise
Baseline 0.0522 1.5◦ 5.0 -0.880 60.0
Droop nose 0.0353 12.3◦ 5.0 -0.724 88.7
Droop nose + suction 0.0298 15.4◦ 5.0 -0.641 105.0
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The improvement of the stall angle of attack is also an important achievement, as it
is increased to values suitable for landing and takeoff operations: from 1.5◦ to 12.3◦ by
the droop nose and to 15.4◦ by the complete configuration. Finally, the pitching moment
also benefits from the leading edge device and the wall suction. Thanks to the lower jet
momentum and the different load distribution along the chord the pitching moment is
improved by about 18% in the droop-nose configuration and by 27% including wall suction.
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6 Dynamic Blowing
Mixing between two parallel streams at different velocities can be enhanced by inducing
periodic perturbations in the mixing layer (see e.g. [125]). Applying this principle to the
Coanda flap application investigated here may improve the mixing between the outer flow
and the blowing jet, thus reducing the jet momentum required to avoid flow separation
from the flap surface. In this chapter, the efficiency of unsteady actuation for the present
configuration is assessed by superposing a periodic forcing signal to the constant momentum
of a steady jet. The lift performance obtained by the modulated jet is then compared to
the one resulting from a steady jet at the same averaged momentum coefficient.
The validation of the present numerical simulations will be performed with water-tunnel
experiments, because of the possibility to achieve a high Reynolds number, Re ≈ 2 · 106.
This raises the problem of implementing periodic blowing with an incompressible fluid, as
the hammer effect would make high frequency control of the jet total pressure rather difficult
with conventional techniques. This problem is addressed in the present work by numerically
simulating two possible actuation mechanisms. The first case simulates an oscillating piezo-
electric actuator lip installed over the jet nozzle, which controls the jet mass flow by varying
the nozzle exit cross-section. The second case simulates the actuation of a valve at the
plenum base that directly controls the jet total pressure. The flow interactions between the
jet and the outer flow caused by the two actuation mechanisms are thoroughly investigated
for two different frequencies and two oscillation amplitudes by means of URANS simulations
[14]. Next, a wide range of actuation frequencies and amplitudes is tested, drawing a
broad picture of the lift response of a Coanda flap to sinusoidal blowing actuation. The
forcing signal is therefore expressed as Cµ(t) = Cµ+ 〈Cµ〉sin(2pift), and the jet momentum
coefficient becomes simply Cµ = Cµ ± 〈Cµ〉.
6.1 Actuation Technique
This section discusses the results obtained by the two actuation approaches, which generate
jets with the same momentum coefficients but different velocities and mass flow rates. The
periodic forcing obtained by lip motion is based on mass flow rate fluctuations caused by
slot height variations (figure 6.1), while the velocity remains essentially constant. The lip
deformation is performed keeping the upper and lower sides of the blowing nozzle parallel
to each other at the jet exit, in order to avoid possible local flow separation caused by a
divergent nozzle. The second approach varies the total pressure inside the plenum, which
causes variations of momentum driven by velocity fluctuations. The mixing mechanisms
generated by the two actuation approaches are investigated by means of velocity profiles
extracted from the locations shown in figure 6.2.
The results discussed in this section are obtained for α = 0.0◦, M = 0.15, Re = 12 · 106.
The effect of the two actuation principles is analyzed at F+ = 0.125 and F+ = 0.5, for two
amplitude levels of the forcing signal. F+ represents the forcing frequency normalized by
the freestream flow velocity and the flap length.
6 Dynamic Blowing
For the dynamic-lip control, the tested peak-to-peak amplitudes of the jet momentum
fluctuations are generated by slot-height variations of 0.5 and 2 times the nominal slot
height, hsref = 0.06% chord, with the middle position set at 1.25hsref . This motion ampli-
tudes, with a plenum pressure ratio of ptj/p∞ = 1.14, result in Cµ = 0.0285 ± 〈0.006〉 for
the small amplitude and Cµ = 0.0275± 〈0.0225〉 for the large amplitude. For the pressure
control approach, the total pressure at the plenum boundary condition was varied in or-
der to achieve the same jet momentum fluctuations as obtained with the lip motion. The
conclusions drawn by this comparison are similar for all the frequencies and amplitudes, so
only one case is reported in detail here (F+ = 0.5 and large amplitude).
Figure 6.1: Lip deformation during an actu-
ation cycle.
Figure 6.2: Extraction locations of the
boundary layer velocity
profiles.
The plots of figure 6.1 show that the outer-flow velocity profiles at BL1 have similar
distributions for the two approaches, which suggests a limited effect of the actuation type
on the outer flow upstream of the blowing slot. The jet velocity profiles at the nozzle
exit section, on the other hand, exhibit the different characteristics of the two momentum-
control approaches. With the lip-control technique, the jet velocity remains approximately
constant throughout the actuation cycle, while the jet thickness varies. In this case, the
momentum variations are driven by fluctuations of mass flow, obtained by variations of
the slot height. On the other hand, the pressure-control approach generates jet velocity
fluctuations, whereas the jet thickness remains constant. Therefore, the jet momentum is
now controlled by both velocity and mass flow variations. At BL2, which is located 5h
from the exit section, the difference of jet velocity and thickness between the two actuation
techniques is still clearly visible. Further downstream, the turbulent mixing diffuses the
jet momentum in wall-normal direction, resulting in the profiles of locations BL3 and BL4.
Here, the velocity profiles obtained by the two actuation methods appear very similar. The
large amplitude of the forcing signals causes the jet to reach very low Cµ, which results in
a large separation over the flap. During these phases, the velocity profile of the pressure-
control actuation at BL4 exhibits reverse flow near the wall. The boundary layer obtained
by the lip motion, on the other hand, has always sufficient momentum to overcome the
adverse pressure gradient in this area. This difference is slightly larger for the actuation
at F+ = 0.125, not shown here, whereas it disappears with smaller actuation amplitudes.
For both actuation approaches, the maximum velocity at BL4 is reached after a short delay
with respect to the Cµ fluctuations, which does not show significant differences between
the two tested frequencies.
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(a) t = 0 (b) t = T/8
(c) t = 2T/8 (d) t = 3T/8
(e) t = 4T/8 (f) t = 5T/8
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(g) t = 6T/8 (h) t = 7T/8
Figure 6.1: Velocity profiles at the selected locations for the two actuation approaches,
F+ = 0.5, large amplitude.
Table 6.1: Average jet momentum coefficient and lift coefficient with the respective stan-
dard deviations (SD) for the 4 test cases and two actuation techniques.
Lip motion Pressure control
Cµ (SD) CL (SD) Cµ (SD) CL (SD)
F+ = 0.125,
small amplitude 0.028 (0.004) 3.649 (0.103) 0.028 (0.004) 3.644 (0.155)
F+ = 0.125,
large amplitude 0.027 (0.016) 3.304 (0.367) 0.029 (0.015) 3.299 (0.405)
F+ = 0.5,
small amplitude 0.029 (0.004) 3.675 (0.034) 0.028 (0.004) 3.666 (0.035)
F+ = 0.5,
large amplitude 0.028 (0.016) 3.403 (0.063) 0.029 (0.016) 3.416 (0.057)
The jet momentum coefficients obtained from the two actuation techniques and the re-
sulting lift performances are summarized in table 6.1. The table reports also the amplitude
of the fluctuations expressed in terms of standard deviation (SD). For both actuation meth-
ods, higher lift is obtained by the smaller blowing amplitudes and the higher frequency, with
the amplitude having a larger impact on the resulting performance. The small-amplitude
signals yield lift coefficients about 10% higher than the large-amplitude actuation for the
F+ = 0.125 case, and about 7.5% for the F+ = 0.5 case. The difference of lift coefficient
between the two signal frequencies is limited to about 3% for the large amplitude cases
and 0.65% for the small amplitudes. The effects of frequency and amplitude on the lift
performance are similar for both the lip-motion and the pressure-control approach, as the
difference in average lift between the two approaches is less than 0.5% for all the four test
cases.
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6.2 Lift Performance of Unsteady Actuation
The efficiency of flow control with unsteady excitation is determined by numerous param-
eters, such as frequency, amplitude and mean value of the actuation signal, as well as
freestream conditions and angle of attack. The response of the flow to these parameters
depends on the specific configuration. The natural vortex-shedding frequency, for instance,
is an important characteristic of the unactuated flow, as it represents the instabilities that
will interact with the superposed forcing signal.
(a) Lift coefficient
(b) Power Spectral Density of the lift responses
Figure 6.2: Lift responses to different forcing frequencies, Cµ = 0.0154± 〈0.0127〉,
α = 18.0◦, Re = 12 · 106, M = 0.15.
Figure 6.2 reports the lift response of the present Coanda flap configuration to a sinusoidal
blowing with Cµ = 0.0154±0.0127 at different frequencies. The lift generated by the airfoil
with steady maximum, minimum and average jet momentum is reported for reference. The
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constant lift at maximum steady blowing suggests that the flow does not present vortex
shedding, whereas the lowest steady blowing exhibits a periodic behavior with F+ ≈ 0.2.
The flow obtained with the lip fixed at middle height, on the other hand, shows a more
irregular behavior. Apparently, the smaller separation yielded by the middle Cµ generates
a faster vortex dynamics with a larger frequency content, as shown in figure 6.2b. However,
two peaks can be observed in the Power Spectrum Density (PSD) of the steady blowing,
F+ ≈ 0.12 and F+ ≈ 0.24. The latter is also visible in the spectrum of the actuated flows,
for all the tested frequencies. The natural vortex shedding of the average blowing rate can be
observed also in the lift trends of figure 6.2a in the form of a wave with frequency F+ ≈ 0.24
superposed to the forcing frequencies. The presence of these two frequencies is particularly
visible for the F+ ≈ 1.47 actuation. The amplitude of the lift response is dependent on the
actuation frequency. Low blowing frequencies cause larger lift fluctuations, as the flow over
the Coanda flap has more time to adapt to the instantaneous blowing conditions.
Figure 6.3 shows the effect of frequency and amplitude of the jet momentum fluctuations
on the average lift performance. The efficiency of unsteady blowing is here evaluated with
respect to the flow obtained with steady blowing at Cµ = Cµ. The smallest lip deformation,
corresponding to Cµ = 0.015±〈0.004〉, is the most effective, proving that very little pertur-
bations are sufficient to improve the mixing between the jet and the outer flow. The most
effective frequency is identified around F+ = 0.5, which is about twice the vortex-shedding
frequency of the flow separation with constant blowing.
Figure 6.3: Effect of actuation frequency and amplitude on lift, for Cµ = 0.015, α = 18◦,
Re = 12 · 106, M = 0.15.
The flow topology over the flap surface plays a primary role in the efficacy of the un-
steady excitation. Four flow topologies could be identified for steady blowing actuation,
depending on the jet momentum coefficient and the angle of attack, as illustrated in figure
6.4a. Topology 1, 2 and 3 represent a steady URANS-solution (no fluctuations are observed
in lift and the flow is steady although a time-resolving simulation is performed), whereas
topology 4 results in a inherently fluctuating flow. These topologies react differently to
periodic blowing, leading to different lift gains. In particular, topology 4 yields the highest
lift-coefficient improvement, thanks to the interaction between the forcing signal and the
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existing unsteady vortical structures. The lift improvement predicted by URANS simu-
lations is about 5%, for a periodic forcing at F+ = 0.5 and small amplitude (see figure
6.4b).
(a) Possible steady-blowing flow topologies over
the flap
(b) Effect of the steady-blowing flow topology on
lift generation with dynamic blowing
Figure 6.4: Effect of the steady-blowing flow topology on the efficacy of the periodic ac-
tuation, Re = 12 · 106, M = 0.15.
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The need for vortex shedding to efficiently use unsteady blowing limits its applicability
to post-stall conditions and very low blowing, as under other conditions the flow field
does not present unsteadiness. However, separated vortical structures are characterized by
high streamlines curvature and strong pressure gradients, which may significantly affect the
accuracy of the Spalart-Allmaras URANS approach employed here. The Reynolds averaging
process prevents the numerical solution from resolving small turbulent structures, which
may play an important role in such a complex flow. Moreover, the employed turbulence
model is calibrated to provide high accuracy with mostly attached flows. Hence, the validity
of the results shown here needs to be validated in the next phase of the project by means
of experimental data and suited numerical approaches.
Nevertheless, a connection with previous work available in the literature can be made.
The review presented in chapter 1 shows that unsteady mixing-layer excitation was success-
fully tested in many applications. However, only in some cases unsteady tangential blowing
yielded a reduction of the required momentum coefficient. In many cases periodic blowing
simply led to a reduction of jet mass flow [71, 69, 93, 129]. The reduction of required av-
erage mass flow, however, can be seen as the mathematical consequence of varying the jet
velocity while maintaining a constant average momentum, as Cµ is directly proportional to
the average of the square velocity. Consequently, if the target quantity was the jet power,
which is proportional to the third power of the jet velocity, unsteady blowing would appear
highly ineffective. From the literature, it seems that an actual gain in terms of Cµ can
only be achieved if the blowing requirements are already relatively low. This happens for
flap deflection angles until 35◦ − 40◦ or active Fowler flaps [170, 121, 105, 129, 78, 172,
55, 26]. In these cases, the additional momentum required to compensate the momentum
deficit within the boundary layer is relatively low and the flow above the boundary layer
can provide a valuable contribution. Therefore, the perturbations generated by unsteady
actuation in the shear layer have a beneficial effect, as they enhance the momentum transfer
in wall-normal direction. On the other hand, when the Cµ requirements are higher, the
contribution of the outer flow momentum is no longer significant and the flow perturbations
dissipate the momentum of jet reducing its effectiveness. Such dynamics were observed also
in the present work, where a positive effect of unsteady excitation was obtained only when
the Cµ was sufficiently low to let the outer-flow momentum bring a beneficial contribution
to the boundary layer on the flap surface.
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The present work focused on the improvement of a previously designed active high-lift
system by means of numerical RANS simulations. The baseline high-lift configuration
was the transonic DLR-F15 airfoil equipped with an internally-blown Coanda flap, which
consisted of a gap-less flap deflected by 65◦ and a thin air jet tangentially blown over
the upper surface of the flap. High lift levels were assured by the jet capability to follow
the flap contour (Coanda effect) and deflect the surrounding flow downward. The present
project aimed at enhancing the efficiency of the flow control device, which was expressed
by the lift gain factor: the ratio between the lift gain yielded by the active system and
the jet momentum required to obtained that gain. This was achieved by introducing a
flexible droop nose, a wall-suction device and unsteady blowing. The employed freestream
conditions represented the typical approach phase of a transport aircraft, with a Reynolds
number of 12 · 106 and a Mach number of 0.15.
The state-of-the-art CFD DLR-TAU Code was employed to solve the RANS equations
on a hybrid grid with a cell-vertex dual-grid approach. The convective fluxes were dis-
cretized using a second order central scheme with a scalar dissipation approach, whereas
the convective fluxes of the turbulence model equation were treated with a second order
Roe scheme. The implicit Backward-Euler system was solved with a LU-SGS scheme. The
Spalart-Allmaras turbulence model was employed with a correction to account for curvature
and rotation effects. Previous experimental validation work and a turbulence model analy-
sis presented here showed that the numerical setting predicts the physics of the Coanda-flap
flow with acceptable accuracy, including areas of separation and vortex interactions.
The Coanda flap enhances drastically the circulation around the airfoil and generates
very high suction peaks over the leading edge. This results in a significant reduction of the
stall angle of attack, which limits the capability of the active device to generate higher lift
and undermines its potential for practical aircraft applications. This issue was addressed
here by developing a flexible droop-nose device, according to the project guidelines to reduce
noise emissions by avoiding the use of gaps. The first 20% of the airfoil chord was morphed
by gradually increasing the airfoil thickness and the camber of the mean line in order to
achieve a more effective pressure distribution. The aerodynamic sensitivities of the main
geometrical parameters were investigated and the most effective shape was compared with
a conventional slat configuration and a rigid droop nose device. The introduction of a
droop nose device resulted in a drastic increase of maximum lift coefficient and stall angle
of attack. Such improvements could also be used to reduce the momentum required by the
Coanda jet to achieve a target lift. A maximum lift coefficient of 5.0 could be obtained
with about 32% less jet momentum thanks to the flexible droop nose, with respect to the
baseline configuration. In the same way, the slat device yielded a benefit of 56%, but at
the likely increase of airframe noise due to high flow velocities at the slat trailing edge.
Both solutions brought the stall angle of attack to values suitable for landing and takeoff
operations: the flexible droop nose improved it from 1.5◦ to 12.3◦ and the slat device
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reached 20.6◦. Moreover, thanks to the more effective load distribution along the chord
and the lower jet momentum requirement, the flexible droop nose improved the pitching
moment by 18% and the slat configuration improved it by 65%. The flexible droop-nose
device requires the use of flexible materials, which represent a non-conventional technology
in the design and manufacture of aircraft lifting surfaces. Therefore, it was of interest to
evaluate the actual gain yielded by the flexible configuration with respect to a rigid droop-
nose device. The comparison showed that the target maximum lift coefficient of 5.0 could
be achieved by the flexible droop nose with 9% less blowing momentum with respect to the
rigid device, and the resulting stall angle was 2.3◦ higher. These gains increased for higher
lift targets. Also, the analysis of stall mechanisms at different jet momentum coefficients
highlighted some important phenomena that characterize the flow over the Coanda flap:
• gradual attachment of the wall jet to the flap surface for increasing angle of attack;
• separation between the wall jet and the outer flow in case of low blowing rates, which
creates a complex recirculation area between the two flow streams;
• increase of stall angle of attack for increasing blowing rate, yielded by the droop nose
device within a certain range of blowing rate.
The flexible droop-nose airfoil was also tested on a three-dimensional transport aircraft
configuration. The results showed that three-dimensional flow dynamics affected the be-
havior of the Coanda flap already within the linear range of the lift curve, causing lower
performance with respect to the two-dimensional analyses. The main cause of the observed
loss of lift coefficient -about 0.2- was probably the wing sweep and the resulting boundary
layer cross flow. This increased the viscous losses of the flow over the wing and reduced
the flow turning provided by the Coanda jet. This mechanism was also responsible for the
early leading edge stall observed with the baseline leading-edge configuration. A compari-
son between the performances obtained from the three-dimensional wing and the isolated
airfoil showed that a middle section of the 3D wing reached maximum lift at effective angle
αe = −3◦, which was about 6◦ less than what observed during two-dimensional analyses.
The lift and stall angle improvements yielded by the droop nose were similar to the ones
emerged from the airfoil studies, although the stall mechanisms were different. In the case
of the 3D droop-nose configuration, a strong cross flow from the fuselage to the wing upper
side appeared for angles of attack greater than 16◦, due to the very low pressure over the
wing. As a consequence, a thick boundary layer reached the Coanda flap and caused sep-
aration between the jet and the outer flow, which resulted in a sudden decrease of lift. In
order to avoid such three-dimensional flow mechanisms, conventional wing-root configura-
tions need to be adapted to the high level of circulation yielded by active high-lift devices.
Therefore, the integration of the active high-lift system must be taken into account in the
early phases of the aircraft design.
Providing compressed air to the active flow-control systems is one of the main challenges
rising from the integration of an active high-lift device into the synergistic structure of
the aircraft systems. One of the solution developed within the framework of the SFB
880 research center is installing electrical compact compressors into the wing. In this
configuration, the compressor intakes have the potential to be used as additional flow-
control devices to manipulate the flow behavior in the proximity of the airfoil surface.
Therefore, the design of a compressor intake is of particular interest and was performed
here aiming at maximizing the total pressure recovery along the suction duct and the lift
generated by the airfoil. The analyses showed that a narrower slot induces higher lift, but
also larger viscous losses along the duct, which reduce the total pressure recovery. For this
reason, the two objectives were combined into one single quantity, a balanced lift coefficient,
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that allowed evaluating and comparing the overall performance of the different suction-slot
configurations. The results highlighted high efficiency of wall suction on the upper side
of the airfoil, upstream of the Coanda flap. In this case, wall suction led to a reduction
of the boundary layer thickness upstream of the blowing slot, which is beneficial for the
operation of the Coanda flap. This proved that better performances can be achieved by
exploiting synergies between the two flow control devices. Using suction on the flap surface
to avoid flow separation in case of low jet momentum turned out to be ineffective due to the
complex flow topology over the flap. The suction slot was also tested near the flap hinge,
which is an area of high pressure. In this case, the total pressure at the end of the suction
duct was higher than for the other suction locations, but the resulting lift coefficient was
significantly lower. In conclusion, thanks to a careful design of the wall suction device, the
jet momentum required to achieve CLmax = 5.0 was reduced by 16%, with respect to the
same configuration without suction, and the maximum angle of attack was increased from
12.3◦ to 15.4◦. Consequently, the lift gain factor was increased from 89 to 105. Moreover, it
was observed that wall suction on the configuration with the droop-nose device was about
twice as effective as it was on the baseline airfoil.
Figure 7.1 summarizes the improvements yielded by the droop nose and the wall suction
at maximum lift conditions. In comparison to the baseline configuration, the lift gain
factor corresponding to CLmax = 5.0 was improved by 75% and the stall angle of attack
was increased from 1.5◦ to 15.4◦. Note that for the droop-nose configurations, the stall
angle of attack increases with the jet momentum between Cµ = 0.035 and Cµ = 0.1. This
behavior is very convenient for practical applications, as an increase of blowing rate has the
double effect of increasing lift and delaying stall, representing a valuable feature for safety
during low-speed flight. It is worth reminding that the performances corresponding to non-
optimal blowing rates, i.e. Cµ 6= 0.036, would be slightly different if the flap deflection was
adapted to the jet momentum. However, the trends presented in figure 7.1 would remain
unchanged.
Finally, the response of the Coanda-flap to a periodic forcing implemented through mod-
ulation of the jet momentum was assessed. The potential of an unsteady jet is to enhance
the turbulent mixing between the outer flow and the blowing jet, which reduces the momen-
tum required to avoid flow separation from the flap surface. Two approaches to implement
periodic blowing were compared, where the jet momentum fluctuations were obtained by
varying different jet characteristics. The first approach was based on the deformation of
the lip of the blowing nozzle, which allowed controlling the jet exit cross-section. As a re-
sult, the jet momentum fluctuations were driven by mass flow variations, while the velocity
remained approximately constant. With the second technique, the total pressure inside
the jet plenum was controlled with a fixed nozzle geometry, thus varying both mass flow
and velocity of the jet. Two frequencies and two signal amplitudes were tested, providing
a comparison basis for the two techniques. A detailed analysis of the flow development
over the Coanda surface showed that prominent differences between the two approaches
were limited to a small region near the blowing slot. Only under conditions of very low
blowing momentum and low frequency, did the jet with constant velocity present a smaller
separation, and thus a slightly larger average lift. The results also showed a similar dy-
namic response of the flow to the two actuation methods, which suggested that a similar
underlying mechanism was behind the enhanced mixing.
The effects of sinusoidal blowing on the lift performance were thoroughly investigated
for different actuation signals and angles of attack. The unsteady actuation was compared
to constant blowing at the same average jet momentum coefficient. The constant-blowing
vortex-shedding frequency was always visible in the power spectrum density of the unsteady-
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(a) Maximum lift coefficient and Lift Gain
Factor for CLmax = 5.0
(b) Stall angle of attack
Figure 7.1: Maximum lift performance of the baseline and improved configurations for
different blowing rates.
blowing response. The amplitude of the response, however, was related to the actuation
frequency and amplitude. Higher frequencies resulted in smaller lift fluctuations. The
largest lift gain, with respect to constant blowing, was obtained at F+ = 0.5, which was
about twice the vortex-shedding frequency of the steady blowing case. The amplitude effect
was also investigated, showing that low signal amplitudes yielded higher lift gains. As a
result of this sensitivity analysis, the time-averaged lift could be improved by 5% with
respect to constant blowing at the same average momentum coefficient.
Vortex shedding with steady blowing turned out to be an important requirement for the
effectiveness of the unsteady actuation, as only in presence of a flow instability it was possi-
ble to improve lift by jet momentum fluctuations. With steady blowing, the flow topology
over the flap is defined by the blowing momentum and the angle of attack. The Spalart-
Allmaras URANS simulations conducted here predicted unsteady flow separation only for
very low jet momentum coefficients and high angles of attack, which correspond to post-stall
conditions. However, it is possible that more sophisticated simulation approaches would
predict flow instability closer to maximum lift conditions, thanks to a richer description of
the physics of the turbulent structures. On the other hand, previous studies available in
the literature show that gains in terms of jet momentum coefficient were only achieved for
low actuation levels, which would support the findings of the present work.
Further research on unsteady excitation of the mixing layer will be conducted in the
Research Center SFB880 with the aim of reducing the power requirements of the high-lift
system. The first step will be the validation of the results presented here by means of
more accurate turbulence models and water-tunnel experiments. Next, unsteady blowing
will be investigated on a three-dimensional wing model in order to assess the potentials
of span-wise jet-momentum perturbations, obtained by periodically varying the nozzle-lip
deformation along the wing span. Finally, close-loop flow control will be implemented to
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adapt the blowing rate to the current flow condition, in order to further reduce the overall
blowing momentum requirement.
In conclusion, the present work led to substantial improvements of the system efficiency
and to a deeper understanding of the operating principle of a Coanda flap. These achieve-
ments represent an important step forward in the long process that began several decades
ago to increase the technological readiness of active flow-control technologies for a broad
application in the aeronautical industry. For instance, within the multidisciplinary frame-
work of the Collaborative Research Center SFB 880, the results presented here are the
basis for current and future research carried out by other teams. The numerous simulations
performed with different geometrical configurations and blowing rates represent a valuable
aerodynamic database for aircraft preliminary design, flight-mechanics models, and lower
order aerodynamic prediction methods for aircraft with active high-lift systems. The shapes
and loads resulting from the droop-nose design lay down the requirements for the develop-
ment of the flexible materials and kinematic mechanisms needed for the actual manufacture
of the device. The definition of the suction-slot location and geometry, along with the jet
momentum requirements, represent the boundary conditions for the design of the compact
electric compressors. Finally, the unsteady computations serve as basis for the development
of reduced order models able to predict the transient and post-transient flow conditions over
the flap with periodic blowing, which are needed to implement close-loop control laws.
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